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INtroductIoN
The failure of a railway embankment can 
result in large financial losses if the line has 
to be closed for remedial measures, rehabili-
tation or if a derailment occurs. The design 
of embankments is usually done with slope 
stability analysis methods of slices (Selig & 
Waters 1994; Li et al 2016). The analysis is 
based on a combined factor of safety defined 
as the ratio of available shear strength to the 
shear strength that has to be mobilised to 
maintain the condition of limit equilibrium. 
In the case of railway embankments, a 
uniformly distributed load is applied over a 
central ballast width of the embankment to 
represent the load induced by the train. This, 
however, represents a static load and does 
not incorporate the effect of cyclic loading.

Physical modelling in a centrifuge is a 
powerful tool available to geotechnical engi-
neers. It allows the study of complex design 
problems using geotechnical materials to 
create a more realistic representation of the 
stresses in the soil (Taylor 1995). The main 
objective of this study was to investigate the 
influence of static versus cyclic loading on 
railway embankments by testing models in 
the geotechnical centrifuge. This was done 
to investigate the failure mechanisms and the 

settlements associated respectively with static 
and cyclic loading. The effect of moisture on 
the stability of the slope was also investigated.

Furthermore, triaxial tests were conduct-
ed and soil moisture characteristic curves 
were determined to characterise the material 
used in the model study, to enable limit equi-
librium stability analyses to be carried out 
for comparison with the observations from 
the centrifuge tests.

bAcKGrouNd
The investigation was based on embank-
ments of the heavy haul coal export railway 
line between Ermelo and Richards Bay in 
South Africa. As a result of the large demand 
for coal export through Richards Bay, the 
line currently carries heavy axle loads of 26 
t/axle and long trains of 200 four-axle coal 
wagons per train. The tractive effort avail-
able for these long trains is a limiting factor 
and therefore the grade should be kept to a 
minimum. In order to do this, large embank-
ments had to be built on the line. Numerous 
cases of slope failures were reported by 
Transnet during 2007 on the Ermelo – 
Richards Bay line as a result of high rainfall. 
Shallow slip surface failures, as well as 

centrifuge modelling of 
railway embankments under 
static and cyclic loading
P Vorster, P J Gräbe S W Jacobsz

With past embankment failures on the heavy haul coal export railway line between Ermelo and 
Richards Bay in South Africa, a study was conducted focusing on the modelling of embankments 
in a geotechnical centrifuge. This was done in order to investigate the influence of static and 
cyclic loading on settlement, and to evaluate the potential failure of the embankment under the 
loading conditions. The effect that moisture has on the slope stability was also investigated. A 
suitable loading system was developed that could be used to apply static and cyclic loading to a 
model embankment in the centrifuge. Embankment models representing a standard slope and 
using one material type with varying moisture content were built and tested in the centrifuge. 
Clayey sand material was sampled from one of the sites where a failure occurred on the coal 
line and was used for the tests. The loading system simulated the loading created by a heavy 
haul coal train with a 26 t per axle load along the length of an embankment. The results from 
the tests conducted in the geotechnical centrifuge indicated that settlement resulting from 
the cyclic loading was on average 67% higher than that of the static loading when considering 
loaded time. It was observed that the tests with increased moisture content exhibited 
significantly reduced stability. A completely developed slip surface failure was not observed. 
However, cracks formed at the crest of the embankment along its length, which indicated a 
downward shift of material. The research therefore concluded that cyclic loading on railway 
embankments increases permanent vertical settlement of the embankment compared to static 
loading. As the moisture content was increased for the different tests, there was a clear increase 
in crack development at the crest of the embankment along its length.
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deep-seated failures, occurred (Lourens & 
Maree 1997). The objective of the current 
research was to investigate whether the 
cyclic nature of load application affected the 
failure mode observed on the embankments.

failure mechanisms and design
Railway embankments can fail through sev-
eral ways, namely:

 ■ Embankment foundation failure, also 
known as massive shear failure

 ■ Wedge failure
 ■ Embankment slope failure.

Massive shear failure occurs as a result of 
unbalanced forces in the substructure of 
the railway line (Selig & Waters 1994). The 
wedge failure mechanism occurs when a 
shear occurs between the embankment base 
and subgrade. Embankment slope failure 
involves the failure of the embankment slope 
through slip surfaces that are developed 
within the slope of the embankment.

Shallow slip surfaces are predominantly 
associated with the top 1.0 – 1.5 m layer of 
soil that experiences major seasonal fluctua-
tions in pore pressure. The failure can be 
attributed to the advance of the wetting front 
and the reduction of the shear strength of 
the soil as a result of the decrease in matric 
suction in the unsaturated soil, i.e. the 
negative pore water pressures (Fredlund & 
Rahardjo 1993; Rahardjo et al 1995). Rainfall 
and seasonal changes can have a significant 
effect on the matric suction in the soil.

Material characteristics
The microstructure of fine-grained soils is 
complex and is influenced, amongst other 
aspects, by the amount and type of clay in the 
soil (Gunn et al 2009). The Atterberg limits 
were introduced to describe how the moisture 
content affected plasticity and strength of 
fine-grained soils. A fine-grained soil with 
a moisture content at the liquid limit will 
have a shear strength of approximately 1 kPa 
and will have the behaviour of a liquid. The 
plastic limit is described by the moisture 
content at which the soil has a shear strength 
of approximately 100 kPa and will behave like 
a plastically deformable solid (Blackall 1952; 
Gunn et al 2009). The total stress acting on 
a soil mass can be considered as an external 
stress, and could either be due to a surcharge 
load or the self-weight of the soil. The pore 
pressure in saturated soils is usually positive 
and isotropic, whereas the pore pressure in 
unsaturated soils is generally negative. The 
effect that pore pressure has on the total 
stress in an unsaturated state depends on 
the degree of saturation and the pore size 
distribution (Lu & Likos 2004). Unsaturated 
residual soils tend to experience high matric 
suctions during dry periods, which result in 

an increase in shear strength of the residual 
soil (Rahardjo et al 2005). Extended wet peri-
ods may result in sufficient infiltration into 
the slope to decrease the matric suction in the 
soil. The additional shear strength provided 
by the suction is therefore reduced and a shal-
low landslide can be triggered (Fredlund & 
Rahardjo 1993; Rahardjo et al 1995).

The relationship between the soil suction 
and the soil-water content is described by the 
soil water characteristic curve (SWCC). The 
shape of the SWCC is influenced by material 
properties such as the pore size distribu-
tion, grain size distribution, density, organic 
material content, clay content and mineral-
ogy which affect the pore water retention 
behaviour (McQueen & Miller 1974). Figure 1 
shows an idealised SWCC. It can be simplified 
to three straight line segments on a semi-
logarithmic plot of suction versus moisture 
content ranging from zero to fully saturated.

The effect of long-term loading has 
become more important with the rise in 
whole-life costs for railway infrastructure. 
This means that the effect of cyclic loading 
has to be assessed for a new rail track in order 
to estimate the lifespan of the foundation and 
replacement thereof (Gräbe & Clayton 2009). 
Vertical deformation from progressively 
developing shear strain is one of the results of 
repeated wheel loads. This is because the ver-
tical stress during the loaded state is greater 
than the horizontal stress. The progressive 
volume change under repeated wheel loads 
that causes this vertical deformation can be 
summarised as a result of the following rea-
sons (Selig & Waters 1994; Li et al 2016):

 ■ Particle rearrangement to form a more 
dense structure

 ■ Particle breakage causing smaller parti-
cles to move into voids

 ■ Cyclic mobility.
Cyclic mobility refers to a decrease in 
volume of the soil under repeated loading. 
This is a result of accumulated strains with 
an increase in pore pressure. The increase 
in pore pressure results in a reduction of 
effective confining stress and therefore an 
increase in soil deformation (Selig & Waters 
1994; Li et al 2016).

During geotechnical centrifuge testing, 
small-scale models are accelerated to many 
times earth’s gravity in order to recreate the 
true stresses experienced by the full-scale 
prototype soil in the model (Taylor 1995). 
The limitations of centrifuge experiments 
are the difficulties in constructing models 
that accurately mimic the important details 
of the full-scale prototype and the loading 
conditions it will experience (Turner & 
Schuster 1996).

The tests described in this paper were 
carried out using the Actidyn C67-4, 150 
g-ton centrifuge at the University of Pretoria. 
The centrifuge has a radius of 3 m and a 
model platform measuring 0.8 m x 1.0 m 
(Jacobsz et al 2014).

eXPerIMeNtAl worK
To investigate the influence of static and 
dynamic loading on the failure of railway 
embankments, different centrifuge models 
were built and instrumented. The mate-
rial and design of the embankment model 
chosen for the testing in the geotechnical 
centrifuge were based on the standard design 
specifications used for embankments on the 

Figure 1 McQueen and Miller’s (1974) conceptual model for an SWCC
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heavy haul coal line where the slope failures 
occurred. The material was sampled at the 
Moolman slope failure site at kilometre 117, 
mast pole 14 (km 117/14) on Line 2, close to 
Piet Retief. The standard embankment slope 
was designed at a 1:1.5 ratio. The top of the 
embankment allowed for a 5 m wide ballast 
section with 0.5 m shoulder on either side, as 
well as a 6 m wide service road. A schematic 
of the embankment cross-section is shown 
in Figure 2. The failures that occurred 
in the case studies were all on the upper 
12 m of the embankments, and therefore 
it was decided to scale the embankment 
model accordingly.

The bulk earthworks of the embank-
ments were designed to be compacted to 
93% Mod AASHTO density. The research 
conducted by Lourens and Maree (1997) 
showed that the density of problematic 
embankments on the coal line did not meet 
this level of compaction. A conservative 
value of 90% Mod AASHTO relative density 
was therefore selected for the embankment 
models. The material was compacted in 
34 mm thick layers and scarified to create a 
good bond between the layers. The material 
was compacted to the required embankment 
height in the strongbox at the specified 
density; thereafter the required embankment 
shape was carved out.

Due to embankment cross-section sym-
metry, only one side of the embankment 
cross-section was modelled. This is seen 
as the worst-case scenario and represents 
a double-line embankment section on the 
coal line. The final cross-section used for the 
tests, with the simplified loading arrange-
ment in place, is shown in Figure 3. The 
model was scaled at 1:50 and was therefore 
tested at an acceleration of 50 g in the geo-
technical centrifuge.

loading methodology
The loading methodology simulated the 
entire train load on the embankment for 
the duration that it takes the entire train to 
pass at a single location along the embank-
ment. This meant that a low-frequency 
loading cycle was considered. The loading 
block was manufactured from a solid alu-
minium section that represented a uniformly 
distributed load exerted by a fully loaded 
26 t/ axle wagon (total mass 104 t). The load 
application was controlled using a pneumatic 
piston, lifting and lowering the loading 
block onto the embankment at a specific 
loading cycle.

The time per loading cycle was calculated 
using the time it takes a train to pass a cer-
tain point on the embankment. This was cal-
culated using the train speed of 80 km/h and 
the train length of approximately 2.5 km. 

In order to calculate the loading time, the 
dynamic time scaling factor tdyn was used, 
which has a scaling factor of 1/N (where N is 
the model scale).

The approximate time taken by a train 
to pass over a section on an embankment 
at 80 km/h is therefore 1.8 minutes. This 
corresponds to a loaded time of 2.16 s in 
the centrifuge. Taking into account the 
time for the pneumatic piston to lift and to 
lower the loading block, a cycle time of 20 s 
was chosen.

A separate loading plate was machined 
to replicate the loading created by the track 
structure on the embankment, i.e. the 
rails, sleepers and ballast. The weight from 
PY-sleepers (282 kg/sleeper) and 60 kg/m 
rails was modelled assuming a conservative 
ballast density of 2 000 kg/m3.

Two loading methodologies were followed 
during the tests conducted, namely static 
loading and cyclic loading. A stabilisation 
period of one hour was allowed once the 
centrifuge reached 50 g acceleration before 
any loading was applied to the model. This 
was done to reduce the effect of initial 
settlement due to the self-weight of the 

embankment during the test. The static 
loading was applied for three hours after the 
stabilisation period.

centrifuge tests conducted
The first four tests conducted in the study 
(A1 to A4) served as an iterative process 
to establish the turning point between a 
stable embankment model and an unstable 
embankment model in terms of soil moisture 
content. The final six tests (B1 to B6) were 
conducted at three moisture contents (two 
tests per moisture content) close to the 
established turning point. These tests were 
conducted at moisture contents of 21%, 22% 
and 23%, with one test modelling the static 
loading scenario and the other the cyclic 
loading scenario.

MAterIAl ANAlySIS
Comparing the parameters of the 
material obtained from site to the para-
meters required by the S410 Earthworks 
Specification (Transnet 2006) revealed 
certain shortcomings. The comparison can 
be seen in Table 1. The plasticity index of the 

Figure 2 Standard embankment design cross‑section, coal line (South Africa)
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material was adequate for bulk earthworks, 
while the CBR results of the two samples 
taken on site were well below the required 
value. This could be due to the significant 
amount of mica observed in the material. 
Tubey and Bulman (1964) showed that the 
content of mica in the soil significantly 
affects the engineering properties, such as 
the plasticity index, compacted density and 
strength. Weinert (1980) also described 
micas as highly elastic minerals that influ-
ence the Atterberg limits, density and the 
compatibility of the material.

The particle size distribution of the 
material, generated using a Mastersizer 
(Malvern 2012), is presented in Figure 4. The 
Mastersizer provides a particle size distribu-
tion over the range from 0.02 µm – 2 000 µm 
by means of optical techniques. There was 
a small percentage of clay in the original 
material and a large amount of silt. The soil 
classified as a clayey sand (SC – Unified 
Classification). Only material smaller than 
2.0 mm was used for the centrifuge testing.

Consolidated undrained triaxial tests 
were done to obtain the strength parameters 
of the material. Three samples were tested 
at effective stresses of 75, 150 and 250 kPa 
respectively. The samples were prepared at 
a moisture content of 22% and a dry density 
of 1 648 kg/m3 (90% Modified AASHTO). 
The friction angle and cohesion intercept 
obtained were 34° and 0 kPa respectively.

Drying tests were conducted on the mate-
rial used for the centrifuge and triaxial tests 
to obtain the soil moisture characteristic 
curves. The graph of matric suction against 
the degree of saturation, as well as the matric 
suction against gravimetric water content, 
can be seen in Figure 5. The turning point 
in matric suction in Figure 5 is at the point 
where there is a sharp change in gradient. 
This point corresponds to a moisture con-
tent value of approximately 26% and a degree 
of saturation of 93% for this test. This can be 
identified as the air entry suction point. The 
bulk density of the material at this point is 
1 938 kg/m3. The corresponding 90% modi-
fied AASHTO bulk density at 93% degree of 
saturation is 2 009 kg/m3 with a moisture 
content of 22%. This moisture content can 
therefore be taken as the turning point where 
there is a significant increase in suctions and 
therefore strength during drying. When the 
moisture content of a soil increases to above 
the moisture content corresponding to the 
air entry value, the soil would be expected 
to become saturated, with a subsequent 
decrease in pore water suctions, and hence a 
decrease in the shear strength of the mate-
rial. A decrease in the shear strength of the 
material will in turn result in an expected 
increase in settlement under loading.

Table 1  Material parameter comparison to the Transnet (2006) S410 specification for bulk earthworks

Property description Sample 1 Sample 2 S410

Plasticity Index (%) 17 17 < 25

CBR (Modified 
AASHTO) 
TMH1 A8

% Swell
(at 100% Mod 

AASHTO)
1.3 4.1 Maximum 2%

90% 1.7 0.8

Minimum 
strength after 
compaction 
(CBR) = 5

93% 1.9 0.8

95% 2.1 0.9

97% 2.2 1.2

98% 2.3 1.3

100% 2.4 1.6

Figure 4 Sieve analysis of material used in the centrifuge and triaxial tests
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Table 2 Moisture content measured from samples after Test B1 to Test B6

Position in 
embankment

Moisture content (%)

Test B1 
static loading  

(MC 21%)

Test B2
cyclic loading

(MC 21%)

Test B3
static loading 

(MC 22%)

Test B4
cyclic loading

(MC 22%)

Test B5
static loading 

(MC 23%)

Test B6
cyclic loading

(MC 23%)

Top 11.9 9.3 13.9 11.3 13.7 9.6

50 – 100 mm 19.1 18.3 20.7 18.9 20.3 18.8

100 – 150 mm 19.0 20.0 21.0 20.7 21.5 20.6

150 – 200 mm 19.8 19.6 20.8 21.5 21.8 21.2

Bottom (240 mm) 20.7 18.7 21.7 20.9 20.8 21.9

limit equilibrium analysis
Matric suction plays an important role in the 
stability of slopes. Slope stability analyses 
using the Morgenstern-Price method of sli-
ces were carried out to assess the stability of 
a loaded versus unloaded embankment under 
various cohesion intercepts. The cohesion 
intercepts were assumed to represent matric 
suction values in the material, as discussed 
below. The material properties used in the 
analyses were obtained from the triaxial tests 
and the soil moisture characteristic curve. 
The material properties used in the analyses 
were as follows:

 ■ Unit weight: 19.6 kN/m3

 ■ Friction angle: 34°
 ■ Cohesion intercepts (modelling matric 

suction): 0 kPa, 2 kPa, 5 kPa, 10 kPa and 
80 kPa

 ■ Loading = 38 kN/m2

It was decided to perform the analyses up 
to 80 kPa suction based on the results of 
the soil moisture characteristic curve. The 
matric suction at 22% moisture content was 
116 kPa. To convert this to additional shear 
strength given by cohesion, the following 
formula/calculation was used:

τ = (σ – u)tanφ’ (1)

The additional shear strength as a result of 
the suction is given by: –u * tanφ’.

Emphasis is placed on the major effect 
that suction has on embankment stability. 
Suction provides apparent cohesion which 
increases the shear strength of the soil. 
The comparison between the loaded and 
unloaded scenarios is plotted in Figure 6.

Comparing the factors of safety for all 
the analyses, it is evident that the loaded 
conditions have lower factors of safety and 
therefore a higher likelihood of failure. In 
this analysis it is assumed that the cohesion 
is constant throughout the entire model, 
which is not necessarily the case in reality. 
It can be seen that cohesion, and therefore 
matric suction, has an important stabilising 
effect on slope stability.

Figure 6 Factor of safety values obtained for different suctions for loaded and unloaded scenarios

Fa
ct

or
 o

f s
af

et
y

4.5

4.0

3.5

3.0

2.5

2.0

1.5

1.0

0.5

Cohesion (kPa)
100806040200

Loaded Unloaded

Figure 7 Circular slip‑shaped crack which formed during Test B5 (23.0% MC)

Indication of upward lift



Journal of the South African Institution of Civil Engineering • Volume 59 Number 3 September 2017 7

ceNtrIfuGe teSt reSultS
Moisture content readings were taken at the 
end of the tests in order to demonstrate the 
effect of moisture loss during testing. The 
moisture contents were measured at defined 
depths in the embankment. The readings 
and depths are given in Table 2. The table 
shows that the top of the embankment 
dried out significantly during testing. The 
moisture content readings showed that on 
average, with the exception of the model 
surface, approximately 1% to 2% of the initial 
moisture was lost during model construc-
tion and testing. The drying of the material 
contributed to an increase in strength of the 
embankment as a result of an increase in 
matric suctions in the material.

Visual observations were recorded during 
and after each centrifuge test. The embank-
ment models showed significant cracking as 
a result of shrinkage due to moisture loss, 
which was substantiated by the moisture 
content samples taken after each test. There 
were, however, cracks which indicated 
downward material movement. These cracks 
extended in most cases across the length 
of the embankment, as shown in Figures 7 
and 8, and formed during the tests at 23% 
moisture content. A completed slip surface 
failure was not mobilised during the tests. 
However, the cracks were observed before 
loading was applied, which indicates that 
they were not associated with loading, but 
rather with the moisture content changes of 

the soil and non-uniform settlement. The 
position of these cracks correlated relatively 
well with the location of critical slip surfaces 
from the limit equilibrium slope stability 
analysis conducted. The shallow slip surface 
calculated from the slope stability analysis 
also started at the crest of the embankment 
for both loaded and unloaded conditions, 
and corresponds with the formation of 
cracks at the crest of the embankment in the 
centrifuge tests before the loading started. 
The analyses conducted with higher cohe-
sion intercepts showed deep-seated failures 
with larger factors of safety. This illustrates 
how cohesion in the soil, which can be used 
to represent matric suction, significantly 
affects slope stability. The SMCC showed 
that, for the moisture content range in the 
centrifuge tests (21% – 23%), there was a 
significant amount of suction present in the 
soil. The effect of the soil drying during the 
tests significantly increased the soil suction 
strength on the surface of the embankment 
model, thereby reducing the likelihood of a 
slope failure occurring.

The embankment settlement during the 
centrifuge acceleration to 50 g is shown for 
each test in Figure 9. The graph includes 
Test A4 conducted at 24% moisture content. 
It is evident that higher moisture contents 
were associated with higher settlement 
values, especially when comparing the set-
tlement curves of the 23% and 24% moisture 
content samples. This can be seen as a 
turning point between a relatively stable 
slope and a slope that collapsed. It should 
also be noted that, for the tests with the 
same moisture contents, the settlements 
were not exactly the same. This could be 
due to variability in moisture throughout 
the embankment model, or variability in the 
compacted density.

A settlement comparison was made 
between the static loading and cyclic load-
ing tests for the total test duration of three 
hours. The settlement comparison curves 
for the static and cyclic loading tests are 
shown in Figure 10. The tests at 21% and 
22% moisture content show similar settle-
ments, with the cyclic settlements being 
somewhat larger than the static. The set-
tlement curve for the cyclic loading test at 
23% moisture content shows a 48% increase 
in settlement from the static loading set-
tlement at 23% moisture content. This 
significant increase in settlement for the 
cyclic loading test at 23% moisture content 
highlights the important effect that cyclic 
loading has on a material as the moisture 
content increases. The moisture content 
in question just exceeds the air entry point 
(estimated at approximately 22%) when 
referring to the SMCC (see Figure 5).

Indication of cracks

Indication of 
upward lift

Figure 8:  Indication of cracks created during Test B5 (23.0 % MC) joining at the top of the embankment

Figure 9: Settlement during centrifuge acceleration for Tests B1 to B6 and A4
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Further comparison between the static 
and cyclic loading was made by taking into 
account only the actual time that the load 
was in contact with the embankment during 
the cyclic loading tests. During the 20 s load-
ing and unloading cycle, the embankment 
was under-loaded for approximately 2.5 s to 
3.5 s only. In order to compare the settle-
ment magnitude under cyclic and static load-
ing for the duration that the embankment 
was physically loaded, a conservative value 
of 4 s of loading per 20 s cycle was chosen. 
The settlement curves for the cyclic loading 
tests were therefore shortened by a factor 
of 5 to produce comparable graphs with 
regard to the actual loaded time. Therefore, 
the 12 h settlement time of cyclic loading 
is compared to the 2.4 h settlement during 
the static loading test. Figure 11 shows the 
settlement curves for all tests plotted against 
the contact time.

The increase in the settlement difference 
between static and cyclic loading with regard 
to loaded time settlement shows an increase 
of 8.7% from 21% to 22% moisture content. 
However, a large settlement increase of 51% 
is seen from 22% to 23% moisture content. 
This emphasises the effect that the moisture 
content of a soil has on its shear strength 
when the moisture content increases above 
the air entry value of the soil. At this level of 
saturation there is a definite decrease in pore 
water suctions, and hence a decrease in the 
shear strength of the material. The material 
showed a 93% degree of saturation (at 22% 
MC), with a corresponding suction value 
of 75 kPa obtained from the SMCC and a 
97% degree of saturation (at 23% MC) where 
the corresponding suction value decreases 
significantly to 49 kPa.

To obtain a more accurate representation 
of the difference in settlement between the 
static and cyclic loading, when taking into 
account only the loaded time, the settlement 
that took place during the unloaded period 
of each cycle during the cyclic loading test 
was subtracted. This can be viewed as the 
settlement due to the self-weight of the 
embankment alone. Figure 12 shows the 
amount of accumulated settlement that took 
place during the loading period of each cycle 
and the amount of accumulated settlement 
that took place during the unloaded period of 
each cycle with the cyclic loading tests. The 
amount of settlement that took place during 
the unloaded period of the cyclic loading test 
was approximately 5% to 10% of the total set-
tlement, despite the loaded period being only 
2.5 s to 3.5 s of the 20 s loading cycle.

The final settlements for each testing 
phase in the geotechnical centrifuge are 
given in Figure 13. The graph shows a similar 
pattern for the different moisture contents 

and a clear increase in settlement is visible 
as the moisture content increases above 22%. 
It is evident that the most settlement occurs 
during the acceleration period of the centri-
fuge. This is to be expected, as the load on 
the embankment from self-weight increases 
fifty-fold during the acceleration from 1 g to 
50 g. A stabilisation period was added to the 
test procedure once an acceleration of 50 g 
had been reached to allow pore pressure to 
reach equilibrium prior to load application.

The settlement as a result of the cyclic 
loading was on average 67% higher (70% at 
21% MC, 60% at 22% MC and 70% at 23% 
MC) than that under static loading when 
considering the contact time only. This can 
be attributed to continuous particle rear-
rangement during the cyclic loading process, 
as well as changes in the pore water pres-
sures or suctions.

coNcluSIoNS
The conclusions from the static and cyclic 
loading tests on railway embankment model-
ling at 21%, 22% and 23% moisture contents 
in a geotechnical centrifuge are as follows: 
The moisture contents chosen were near 
the air entry value of the soil. Cyclic loading 
significantly increases the magnitude of the 
vertical settlement compared to that of static 
loading. It was observed that the increased 
moisture content reduced the stability of 
the embankment significantly. A complete 
slip surface failure was not observed, but 
significant cracks formed at the crest of the 
embankment along its length. The static and 
cyclic loading tests at 21% and 22% moisture 
content, as well as the static loading test at 
23% moisture content, showed similar set-
tlement curves with only minor increases 
in settlement, with an increase in moisture 

Figure 11: Settlement curves for all tests plotted against contact time
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content after three hours of loading. The 
settlement curve for the cyclic loading test 
at 23% moisture content, however, showed 
a 48% increase in settlement from the static 
loading settlement at 23% moisture content.

A settlement comparison between cyclic 
and static loading was done considering 
only the contact time during which the 

embankment was physically loaded. The set-
tlement resulting from the cyclic loading was 
on average 67% higher than that of the static 
loading, when considering the loaded time. 
This can be attributed to continuous particle 
rearrangement during the cyclic loading 
process, as well as changes in the pore water 
pressures or suctions.

The settlement difference between static 
and cyclic loading with regard to loaded 
time increased by 8.7% for the 21% and 22% 
moisture content tests. However, a 51% 
increase in the settlement difference was 
observed for the 22% and 23% moisture 
content tests. This emphasises the effect 
that the moisture content of a soil has on its 
shear strength when the moisture increases 
above the moisture content correspond-
ing to the air entry value and the level of 
saturation. At this level of saturation there 
is a definite decrease in pore water suc-
tions, and hence the shear strength of the 
material, which can be expected to result 
in an increase in embankment settlement 
under loading.

The effect of moisture content on 
embankment settlement and performance is 
of great importance. Should an embankment 
moisture content increase to near saturation, 
small additional increases in the moisture 
content can result in instability, giving little 
warning. As the moisture content increases 
to the air entry value of the soil, the embank-
ment settlement rapidly increases under 
cyclic loading, compared to static conditions. 
Railway embankment stability can therefore 
be expected to be affected detrimentally by 
effects of climate change which may result in 
moisture content increases. This is an aspect 
deserving further study.
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Table 1 Dynamic probe classifications

Test designation DPSH SPT

Hammer mass (kg) 63.5 63.5

Hammer fall (m) 0.76 0.76

Probe 51 mm diameter 90° cone 51 mm diameter split spoon sampler

Specific work per blow (kJ/m2) 240 240
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INtroductIoN
The Standard Penetration Test (SPT) and 
Dynamic Probe Super Heavy (DPSH) test 
are two common in-situ penetrometer tests 
employed in geotechnical site investigations in 
southern Africa. Although both tests have the 
same specific work per blow (Table 1), the SPT 
is carried out in an open hole and the DPSH is 
driven continuously into the soil. Despite this 
difference, the two tests are often assumed 
equivalent (Byrne & Berry 2008). MacRobert 
et al (2011) found this not to be the case and 
proposed an empirical correlation between 
the two tests. Since the publication of that 
paper, questions regarding the observed 
variability within the reported data and dif-
ferences from other data sets have been raised 
(Harrison & A’Bear 2011; Shahien & Farouk 
2013). Furthermore, additional data sets have 
become available to the current author. The 
aim of this paper is to shed light on this vari-
ability and propose new descriptor boundaries 
to classify the relative density of sand soils 
using DPSH penetration values.

INterPretAtIoN of 
PeNetroMeter reSultS
In-situ penetrometer tests are either “dynamic” 
or nominally “static”, that is the probe is either 
hammered or pushed into the soil. Dynamic 

tests, such as the SPT and DPSH tests, have 
been criticised for their poor repeatability, due 
in particular to hammer energy inefficien-
cies and rod friction in the case of the DPSH 
(Broms & Flodin 1988). In southern African 
practice, the SPT blow count is counted 
over 300 mm and referred to as an N value; 
likewise, the DPSH blow count is counted over 
300 mm and is referred to as an N30SB value. 
Reliance on this single qualitative parameter 
to determine requisite engineering design 
parameters has also been questioned (Mayne et 
al 2009). Consequently, static tests such as the 
cone penetration test (CPT) are increasingly 
being advocated due to higher accuracy and 
repeatability (Shukla 2015). Traditional CPT 
equipment measures both tip resistance and 
sleeve friction, with modern equipment meas-
uring pore pressure and shear wave velocity 
(Robertson 2009). Engineering parameters can 
therefore be determined from a greater pool 
of measurements.

Despite the serious deficiencies of dynamic 
tests, they are still popular. This is particularly 
because they are cheap and have a long history 
of use (Broms & Flodin 1988). Virtually every 
geotechnical engineering design para meter 
has been correlated with SPT penetration 
values, although many of these correlations 
do not give any indication of statistical scat-
ter (Mayne et al 2009). Robertson and Cabal 

Interpreting dPSh 
penetration values 
in sand soils
C J MacRobert

Site investigations to classify the underlying soil for geotechnical purposes often rely on in-situ 
penetrometer tests. Two common tests used in southern Africa are the Standard Penetration 
Test (SPT) and Dynamic Probe Super Heavy (DPSH) test. Although the specific work per blow is 
essentially the same in both tests, the resulting penetration values are not equivalent. The DPSH 
tends to be more variable than the SPT and has higher blow counts. A comparison of SPT and 
DPSH penetration values at a series of strata below sites has been undertaken. From this, new 
relative density descriptor boundaries, based on DPSH penetration values, are suggested for 
sand soils.
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Table 4 Summary of penetration testing data from each site

Site
Initial  
depth  

(m)

Average 
refusal 
depth  

(m)

Maximum 
refusal 
depth  

(m)

SPT (N) Summary statistics DPSH (N30SB) Summary statistics

Number of 
profiles†

Average COV
(COV range)

Number of 
profiles

Average COV
(COV range)

Bellville,South Africa 1.2 4.2 5.1 1 - 2 25% (50 – 6%)

Chloorkop, South Africa 0.9 5.6 8.1 3 33% (55 – 15%) 2 19% (54 – 6%)

Dunkeld, South Africa 1.2 4.5 5.1 1 - 2 52% (100 – 25%)

Glenhazel, South Africa 0.9 2.0 4.2 1 - 3 41% (91 – 15%)

Namakwa, South Africa 2.1 11.7 26.7 2 (2) - 8 (2) 33% (127 – 5%)

Matutuíne, Mozambique 0.9 3.1 6.6 4 (2) 29% (76 – 6%) 19 (2) 68% (96 – 4%)

Mt Edgecombe, South Africa 1.5 9.2 15.3 15 (6) 17% (64 – 1%) 18 (6) 19% (90 – 2%)

Parktown, South Africa 0.9 4.1 6.3 8 105% (164 – 78%) 19 139% (222 – 88%)

Milnerton, South Africa 0.9 3.0 3.9 2 14% (35 – 2%) 2 26% (56 – 1%)

Chicalla, Angola 1.2 7.2 10.8 3 31% (47 – 12%) 8 27% (56 – 4%)

Umdloti, South Africa 1.2 3.7 6.3 3 42% (88 – 8%) 10 37% (96 – 6%)

Gope, Botswana 1.2 6.5 9.3 5 23% (46 – 3%) 11 43% (84 – 28%)

Matola Mozambique 1.5 9.6 13.8 17 26% (33 – 19%) 17 22% (41 – 7%)

† Values in parentheses indicate number of subsites considered (see note in Table 3)

(2012) conclude that SPT penetration values 
are suited to determining relative density of 
predominantly sand profiles, but only moder-
ately so. This is typically done by comparing N 
values to the descriptor boundaries proposed 
in Table 2 (Terzaghi & Peck 1948).

Variability in penetration values arises 
from lateral variation in the soil profile and 
different testing procedures. It is difficult 
to separate these two sources of variability. 
Serota and Lowther (1973) determined that 
the coefficient of variation (COV), defined 
by Equation 1, for N values in a calibration 
chamber is between 12 and 10% for automatic 
trip hammers.

COV = 
s
x̄

 (1)

where x̄ is the sample mean and s is the sam-
ple standard deviation.

Phoon and Kulhawy (1999), considering 
published site investigation data, suggested 

that the average COV in sand was 54% and 
ranged between 19% and 62%. The larger 
variability in the later study reflects lateral 
variation in site soil profiles and various 
hammer mechanisms, whereas the variability 

in the former study predominantly reflects 
variation within the testing procedure. No 
studies on variability in the DPSH are appar-
ent in literature; however, similar variability 
to that reported for the SPT is likely.

Table 2  Relative density N descriptor 
boundaries for sand soils 
(after Terzaghi & Peck 1948)

SPT resistance value  
(N) Relative density

0 – 4 Very loose

4 – 10 Loose

10 – 30 Medium dense

30 – 50 Dense

Over 50 Very dense

Table 3 Descriptive geology of each site

Site Description Water table Average relative 
density

Bellville
South Africa

Transported fine- to medium-grained locally 
calcareous sand.

No water 
strikes Medium-dense

Chloorkop  
South Africa

Clayey silty sand with fine gravel becoming more 
abundant with depth. Reworked residual granite.

No water 
strikes Medium-dense

Dunkeld
South Africa

Clayey silty coarse sand with traces of sub-angular 
quartz gravel. Reworked residual granite.

No water 
strikes Very loose

Glenhazel
South Africa

Silty sand with fine gravel at depth. Fill, hillwash 
and reworked residual granite.

No water 
strikes Loose

Matutuíne  
Mozambique† Medium and fine sand. No water 

strikes Medium-dense

Namakwa
South Africa† Non-plastic screen-separated sand. No water 

strikes Dense

Mt 
Edgecombe  
South Africa†

Slightly clayey transported sand. On average 
below 21.5 m‡ Medium-dense

Parktown
South Africa

Profile of mixed origin, predominantly silt and 
sand.

No water 
strikes Loose

Milnerton
South Africa

Transported loose to medium slightly silty-fine 
sand.

On average 
below 0.6 m Medium-dense

Chicalla
Angola

Fine to medium-grained sand with abundant shell 
fragments.

On average 
below 14.7 m Loose

Umdloti
South Africa

Slightly moist to moist, fine to medium through 
coarse-grained sand.

On average 
below 7.3 m Medium-dense

Gope
Botswana

Transported sand cover with a thin variable layer 
of poorly developed calcified pedogenic material.

No water 
strikes Medium-dense

Matola  
Mozambique Silty sand dune deposit. On average 

below 21.0 m Dense

†  Due to the extensive nature of these sites, a single site profile was not developed. Instead, tests in close 
proximity were compared.

‡ One probe over a depth of 1 m was in saturated soil.
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Table 5 Matola site statistical output

Strata

N
Terzaghi and Peck (1948) boundaries†

Probability associated 
with relative density

N30SB

MacRobert et al (2011) 
boundaries‡

Probability associated 
with relative density

Optimised boundaries‡

Probability associated 
with relative density

x̄ s COV
(%) n Very 

loose Loose Med- 
dense Dense Very 

dense x̄ s COV
(%) n Very 

loose Loose Med-
dense Dense Very 

loose Loose Med-
dense Dense

1 25 8 32 15 0.004 0.026 0.704 0.265 0.001 41 17 41 39 0.013 0.021 0.834 0.132 0.023 0.033 0.933 0.011

2 27 11 41 17 0.018 0.043 0.546 0.374 0.018 64 24 38 39 0.006 0.007 0.422 0.566 0.009 0.010 0.729 0.252

3 35 8 23 15 0.000 0.001 0.265 0.704 0.030 86 28 33 39 0.002 0.002 0.173 0.823 0.002 0.003 0.410 0.585

4 39 10 26 17 0.000 0.002 0.182 0.680 0.136 107 23 21 39 0.000 0.000 0.020 0.979 0.000 0.000 0.120 0.880

5 36 8 22 15 0.000 0.001 0.226 0.733 0.040 124 17 14 31 0.000 0.000 0.000 1.000 0.000 0.000 0.005 0.995

6 39 12 31 17 0.002 0.006 0.219 0.594 0.180 138 13 9 24 0.000 0.000 0.000 1.000 0.000 0.000 0.000 1.000

7 37 8 22 16 0.000 0.000 0.190 0.757 0.052 140 13 9 12 0.000 0.000 0.000 1.000 0.000 0.000 0.000 1.000

8 50 13 26 15 0.000 0.001 0.061 0.438 0.500 143 5 3 6 0.000 0.000 0.000 1.000 0.000 0.000 0.000 1.000

9 57 28 49 6 0.029 0.017 0.121 0.234 0.599 149 1 1 3 0.000 0.000 0.000 1.000 0.000 0.000 0.000 1.000

†see Table 2 ‡see Table 6

correlAtIoN betweeN 
N ANd N30SB

test sites
To investigate the correlation between N and 
N30SB, data from 13 site investigations were 
analysed. Data was collected from various 
engineering and contracting companies, 
with probing carried out according to best 
practice in southern Africa (MacRobert et al 
2010). Consequently, relationships developed 
may not be applicable for different hammer 
efficiencies and where probing practices 
differ. Table 3 shows that all profiles probed 
consisted of sand soils, with Table 4 giving 
details of the probing undertaken at each 
site. Most sites were small and borehole logs 
indicated similar soil profiles, and so all N 
and N30SB profiles for such sites could be 
compared. For sites where probing was over 
a large area, N and N30SB profiles were sepa-
rated into subsites with similar soil profiles 
based on borehole logs.

Soil profiles below sites (or subsites) were 
divided into 1 m thick strata centred at the 
depths where N values were determined. An 
example of these strata for the Matola site is 
given in Figure 1. The average and standard 
deviation of all N values within a stratum 
were then determined. For sites with only 
one N profile, the standard deviation was 
calculated assuming a COV of 25%. The cor-
responding range of N30SB values was deter-
mined as the average and standard deviation 
of all N30SB values within each 1 m thick 
stratum. This resulted in a series of strata for 
which average N and N30SB values and asso-
ciated standard deviations were known.

For each of these strata the COV values 
of the N and N30SB values were calculated. 
Table 4 summarises the range of COV values 

for all strata at each site and gives the average. 
The average values are generally towards the 
lower range of the limits (19% to 62%) reported 
by Phoon and Kulhawy (1999). This suggests 
that there was limited lateral variation in the 
soil profiles. One site that exhibited signifi-
cantly greater variability was the Parktown 
site. This site was characterised by material 
of mixed origin that included coal, ash and 
refuse which contributed to the large variation 
observed. Disregarding this site as anomalous, 
the average COV for N30SB was 32% and for 
N was 25%. Although the average COV values 
for the N30SB and N are similar, it is clear from 
the ranges of COV values for the two tests that 
N30SB showed greater variability.

Statistical methodology
In light of the variability in penetration 
values, individual values were not compared. 
Rather, the range of N values were compared 
to the corresponding range of N30SB values 
within a stratum across a site. Consequently 
energy corrections, such as proposed by 
Skempton (1986), were not applied, as these 
are more appropriate when considering 
individual N values. Assuming N values to 
be normally distributed, the probabilities of 
each stratum being classified into each of 
the five relative density ranges (Table 2) were 
calculated. Each stratum was then assigned 
a relative density based on which relative 
density resulted in the highest probability.

Equivalent N30SB relative density 
boundaries (Table 6) were calculated using the 
empirical correlation proposed by MacRobert 
et al (2011) from N boundaries in Table 2. 
Assuming N30SB values to be normally distrib-
uted, the probabilities of each stratum being 
classified into each of these relative density 
ranges were calculated. Each stratum was then 

assigned a relative density based on which 
relative density resulted in the highest prob-
ability. A comparison was then made between 
the relative density assigned by N values and 
N30SB values. The N30SB boundaries were sub-
sequently optimised, using the entire data set, 
to maximise the number of strata assigned the 
same relative density by both tests.

reSultS
Prior to considering the entire data set, 
results for the Matola site are discussed. 
For each of the strata (Figure 1) average 
and standard deviation of N and N30SB 
values are given in Table 5. The calculated 

Figure 1 Matola strata
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probability for each relative density, for 
each stratum, based on N values is given. 
Each stratum’s assigned relative density and 
associated probability are indicated by bold 
type. Results from calculations performed 
on N30SB values are presented in a similar 
fashion. Based on the MacRobert et al (2011) 
boundaries, 6 stratum are assigned the same 
relative density by both tests, 1 is assigned a 
higher relative density by N30SB values and 2 
are assigned a lower relative density by N30SB 
values. With the optimised boundaries, 
7 stratum are assigned the same relative 
density by both tests and 2 are assigned 
a lower relative density by N30SB values. 
Considering the two strata assigned lower 
relative densities by N30SB values, the prob-
abilities that these strata would be assigned 
the same lower relative density by N values 
are significant (> 0.05). This suggests that 
the optimised boundaries are adequate for 
categorising strata.

Figure 2 illustrates the average N and 
N30SB values for each stratum and for each 
site. In general, N30SB values are greater than 
respective N values. This is due to N30SB 
values increasing with depth at a greater rate 
than N values. Harrison and A’Bear (2011) 
attributed this to rods bowing during prob-
ing, causing jamming and sidewall collapse. 
This suggests that a correlation varying with 
depth may be appropriate. However, no such 
relationship was apparent when analysing 
the data. It is evident that the equation 
proposed by MacRobert et al (2011) is not 
sufficiently accurate to obtain equivalent N 
values from N30SB values. From the scatter 
in the graph, it is evidently impossible to 

define a single equation to obtain equivalent 
N from N30SB. However, it is possible to 
assign a relative density to a stratum with 
some confidence.

With the MacRobert et al (2011) descrip-
tor boundaries, 49% of the strata were 
assigned the same relative density by both 
tests, 29% were assigned a lower relative 
density by N30SB values (i.e. a conservative 
estimate), and 22% were assigned a higher 
relative density by N30SB values. With the 
optimised descriptor boundaries, 57% of the 
strata were assigned the same relative density 
by both tests, 31% were assigned a lower 
relative density by N30SB values (i.e. a con-
servative estimate), and 12% were assigned a 
higher relative density by N30SB values.

Calculated probabilities associated with 
defining a stratum’s relative density by N 
values and N30SB values (optimised descrip-
tor boundaries) are considered in Figure 3. 
Figure 3(a) considers strata assigned the 
same relative density by both tests. As 
expected, the confidence with which these 
strata are assigned a relative density is high 
in both tests. However, individual prob-
abilities are not comparable, as points do not 
lie along a line of equality. Figure 3(b) shows 

strata assigned a lower relative density by 
N30SB values than by N values. Ordinates are 
the probabilities that the N values would give 
the same lower relative density. In this case, 
the average probability that N values would 
give the same lower relative density is 0.15. 
Whilst this probability is small, it is greater 
than 0.05, suggesting there is nevertheless a 
significant chance that the strata are correct-
ly defined by N30SB values. Figure 3(c) shows 
strata assigned a higher relative density by 
N30SB values than by N values. Ordinates 
are the probabilities that the N value would 
give the same higher relative density. In this 
case, the average probability that N values 
would give a similar higher relative density 
is 0.07, so there is a much lower chance that 
the strata are correctly defined by N30SB 
values. Referring to Figure 2 it is evident 
that most of the strata assigned a higher 
relative density based on N30SB are from the 
Chicalla site. As pointed out by MacRobert 
et al (2011), the ground profile at this site 
contained numerous shell fragments which 
may have resulted in the higher N30SB values. 
This highlights the need for a local know-
ledge of geology when interpreting N30SB 
values. Points marked with a red asterisk in 

Figure 2 Correlation between N and N30SB values
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Table 6 Relative density N30SB descriptor boundaries for sand soils

Relative density N30SB boundaries by 
MacRobert et al (2011) Optimised N30SB boundaries

Very loose 0 – 3 0 – 7

Loose 3 – 10 7 – 14

Medium-dense 10 – 60 14 – 80

Dense > 60 > 80
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Figure 2 indicate strata where the probability 
N would give the same relative density, as 
N30SB is less than 0.05. These points make up 
12% of the data set.

coNcluSIoNS
A statistical analysis of 13 site investigations, 
in which 65 SPT and 121 DPSH profiles 
were determined, was undertaken. This 
was used to propose new N30SB relative 
density descriptor boundaries for sand 
soils. Considering the inherent variability of 
penetration values obtained from penetro-
meters, it is clear that defining a single 
equation to determine equivalent N values 
from N30SB values is futile. The practice 
of using N30SB values to obtain anything 
more than an estimate of relative density is 
therefore unwarranted.

AcKNowledGeMeNtS
The author acknowledges the various geo-
technical consultants and contractors for 
kindly providing the analysed data. Stuart 
Hoepper’s assistance in collecting the data 
is acknowledged; his untimely passing is a 
reminder of life’s fragility. Dr Irvin Luker 

kindly provided valuable comments on 
the manuscript.

refereNceS
Broms, B B & Flodin, N 1988. History of soil penetration 

testing. Proceedings, 1st International Symposium on 

Penetration Testing, ISOPT-1, 20–24 March, Orlando, 

FL. Rotterdam: AA Balkema, 157–220.

Byrne, G & Berry, A D 2008. A guide to practical 

geotechnical engineering in southern Africa. Sandton: 

Frankipile South Africa.

Harrison, B & A’Bear, T 2011. The dynamic probe 

super heavy penetrometer and its correlation with 

the Standard Penetration Test. In: Quadros, C & 

Jacobsz S W (Eds.), Proceedings, 15th African 

Regional Conference on Soil Mechanics and 

Geotechnical Engineering , Maputo, Mocambique. 

Amsterdam: IOS Press, 571–579.

MacRobert, C, Kalumba, D & Beales, P 2010. 

Penetration testing: Test procedures and design use 

in South Africa. Civil Engineering, 18(3): 29–38.

MacRobert, C, Kalumba, D & Beales, P 2011. 

Correlating standard penetration test and dynamic 

probe super heavy penetration resistance values in 

sandy soils. Journal of the South African Institution 

of Civil Engineering, 53(1), 46–54.

Mayne, P W, Coop, M R, Springman, S M, Huang, A-B 

& Zornberg, J G 2009. Geomaterial behavior and 

testing. Proceedings, 17th International Conference 

on Soil Mechanics and Geotechnical Engineering, 

Alexandria, Egypt. Amsterdam: IOS Press, 

2777–2872.

Phoon, K-K & Kulhawy, F H 1999. Characterization 

of geotechnical variability. Canadian Geotechnical 

Journal, 36(4): 612–624.

Robertson, P 2009. Interpretation of cone penetration 

tests – a unified approach. Canadian Geotechnical 

Journal, 46(11): 1337–1355.

Robertson, P & Cabal, K 2012. Guide to cone 

penetration testing for geotechnical engineering. 

Signal Hill, CA: Gregg Drilling & Testing Inc.

Serota, S & Lowther, G 1973. Discussion: Accuracy of 

relative density measurements. Géotechnique, 23(2): 

301–303.

Shahien, M M & Farouk, A 2013. Estimation of 

deformation modulus of gravelly soils using dynamic 

cone penetration tests. Ain Shams Engineering 

Journal, 4(4): 633–640.

Shukla, S K 2015. Core concepts of Geotechnical 

Engineering. London, ICE Publishers.

Skempton, A 1986. Standard penetration test 

procedures and the effects in sands of overburden 

pressure, relative density, particle size, ageing and 

overconsolidation. Géotechnique, 36(3): 425–447.

Terzaghi, K & Peck, R B 1948. Soil Mechanics In 

Engineering Practice. New York: Wiley.

Figure 3  Probability associated with assigning the same relative density to a stratum by N and N30SB for: (a) similar cases, (b) conservative cases and 
(c) unconservative cases

1.0

0.5

0

1.0

0.5

0

1.0

0.5

0

Pr
ob

ab
ili

ty
 b

as
ed

 o
n 

N

Pr
ob

ab
ili

ty
 b

as
ed

 o
n 

N

Pr
ob

ab
ili

ty
 b

as
ed

 o
n 

N

Probability based on N30SB

0 0.5 1.0
Probability based on N30SB

0 0.5 1.0
Probability based on N30SB

1.00.50
(a) (b) (c)



16 Van Tonder WD, Jacobsz SW. Seepage column hydraulic conductivity tests in the geotechnical centrifuge.  
J. S. Afr. Inst. Civ. Eng. 2017:59(3), Art. #1525, 9 pages. http://dx.doi.org/10.17159/2309-8775/2017/v59n3a3

techNIcAl PAPer
Journal of the South african 
inStitution of civil engineering
ISSN 1021-2019
Vol 59 No 3, September 2017, Pages 16–24, Paper 1525

 WARREN VAN TONDER, who graduated with an 
MSc in Hydrogeology from the University of 
Pretoria in 2016, is currently employed as a 
professional in training by Exxaro Resources. His 
work experience includes both underground 
and surface coal mining operations, and he is 
currently based at Grootegeluk Coal Mine in 
Lephalale (previously Ellisras). His postgraduate 

studies focused on the physical modelling of fracture flow, as well as the 
permeability of coal mine backfill material, in the geotechnical centrifuge.

Contact details: 
Geology Department Hydrogeologist in Training 
University of Pretoria Exxaro Resources Ltd 
Pretoria 0001 PO Box 3583 
South Africa Middelburg 1050 
 South Africa 
 T: +27 14 763 9945 
E: warren.vantonder@exxaro.com OR warrenvt@hotmail.com

 PROF SW JACOBSZ Pr Eng, MSAICE, graduated 
with an MEng degree in Civil Engineering from 
the University of Pretoria in 1996 and a PhD from 
the University of Cambridge in 2002. He is 
Associate Professor in the Department of Civil 
Engineering at the University of Pretoria. His 
research interests include physical modelling of 
geotechnical and soil-structure interaction 

problems in the geotechnical centrifuge.

Contact details: 
Department of Civil Engineering 
University of Pretoria 
Pretoria 0001 
South Africa 
T: +27 12 420 3124 
E: sw.jacobsz@up.ac.za

Keywords:  falling head, geotechnical centrifuge, hydraulic conductivity, 
seepage scaling laws, pore pressure transducer

INtroductIoN
For modelling purposes it is often neces-
sary to assess the hydraulic conductivity 
of materials from the field by means of 
laboratory testing. Provided that representa-
tive high-quality samples can be taken, a 
variety of test methods are available. These 
include falling and constant head hydraulic 
conductivity tests. Such tests on materials 
with a low hydraulic conductivity can be 
time-consuming. To reduce testing time, 
such tests can be carried out under elevated 
hydraulic gradients in the laboratory, for 
example in the triaxial apparatus. Another 
possibility to reduce testing time is to carry 
out the tests at elevated accelerations using 
a suitable centrifuge. The increased accel-
eration accelerates flow, allowing results 
to be obtained in a shorter time. However, 
the analysis of hydraulic conductivity test 
results at elevated acceleration requires 
careful consideration.

SeePAGe flow throuGh 
PorouS MedIA
Seepage is the term used to describe the 
movement of pore water through a porous 
material. This flow is driven by a difference 
in mechanical energy, from an area of high 
mechanical energy towards an area of low 
mechanical energy. The total mechanical 
energy at a point is known as the hydrostatic 
potential (H) as expressed by Bernoulli’s 
equation. The total hydrostatic potential 
per unit weight of water is the sum of the 
pressure head (hp), elevation head (hz) and 

velocity head (hv). However, as natural seep-
age velocities are normally small enough to 
be ignored, the total hydrostatic potential is 
approximated by Equation 1.

H = hp + hz = 
u

γw
 + z (1)

In Equation 1 u is the pore water pressure, 
γw the unit weight of water and z the eleva-
tion of the water above a chosen datum.

The units of Equation 1 are those of 
length, and the hydrostatic potential is 
therefore conventionally expressed in metres 
above a chosen datum. For a saturated 
porous medium, when a fluid is at rest, 
hydrostatic conditions prevail and the hydro-
static potential will be constant at each point 
within the medium. In the case of zero seep-
age flow, the total head under hydrostatic 
conditions is typically taken as the elevation 
of the free water surface. However, for a 
moving fluid the hydrostatic potential varies 
in space and/or time (Bear 1972). Differences 
in the hydrostatic potential from one point 
to another result in a hydraulic gradient 
(i), resulting in seepage in the direction of 
decreasing potential.

Seepage flow through a fully saturated 
porous medium is described by Darcy’s law 
(Equation 2), with the volumetric discharge 
rate (Q) a function of the hydraulic conduc-
tivity (k), the hydraulic gradient (i) and the 
cross-sectional through-flow area (A).

Q = –k ∙ i ∙ A = –k
∆h
∆l

A (2)

Seepage column hydraulic 
conductivity tests in the 
geotechnical centrifuge
W D van Tonder, S W Jacobsz

Provided that inter-particle flow remains laminar, hydraulic conductivity tests can be carried out 
in a centrifuge to accelerate flow, allowing the hydraulic conductivity of relatively impervious 
materials to be measured within a reasonable time. It is well documented that the inter-particle 
flow velocity in the centrifuge increases linearly with acceleration, and a debate in the literature 
deals with whether hydraulic conductivity also scales with acceleration or not. A number 
of hydraulic conductivity tests were carried out using seepage columns in the geotechnical 
centrifuge in which pore pressures were recorded within the samples during testing. When 
hydraulic conductivity is calculated from the hydrostatic potentials measured during testing, 
the hydraulic conductivity is found to be independent of the imposed acceleration. It is 
therefore advocated that the hydrostatic potential is scaled in the centrifuge rather than the 
hydraulic conductivity. It must therefore be recognised that the hydraulic gradient used in the 
conductivity calculation does not remain constant, but changes with the imposed acceleration.
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The negative symbol denotes the reducing 
hydrostatic potential along the flow path. The 
hydraulic conductivity (often also referred 
to by engineers as the coefficient of perme-
ability) has units of velocity, and is a measure 
of the resistance of a porous medium to the 
flow of water. The hydraulic conductivity (k) 
is largely dependent on the size of the pore 
spaces within the porous medium. Hence, 
k is related to the particle size distribution, 
the shape of the particles and the manner 
in which these particles are arranged in the 
porous medium (structure and density), 
with a finer porous medium having a lower 
hydraulic conductivity (see for example the 
traditional texts by Hazen (1892) and Kozeny 
(1927), and more recently Alyamani and Sen 
(1993) and Chakraborty et al 2006)).

However, the hydraulic conductivity is 
as much dependent on the properties of the 
permeant as the properties of the porous 
medium. For example, temperature will have 
a direct effect on k as it alters the viscosity of 
a fluid. As demonstrated by Equation 3, k is 
inversely proportional to the fluid dynamic 
viscosity (μ) and directly proportional to K 
(the intrinsic permeability with units of m2) 
and fluid density ρ.

k = 
Kgρ

μ
 (3)

The intrinsic permeability (K) is an absolute 
coefficient which depends on the character-
istics of the porous medium only. Hence, k 
will decrease with an increase in dynamic 
viscosity at lower temperatures.

Darcy’s law requires that all flow should 
be laminar so that resistive viscous forces 
dominate at low fluid velocities (Culligan-
Hensely & Savvidou 1995; Singh & Gupta 
2002). When flow velocities increase, the 
inertial forces are sufficiently high to over-
come the resistive viscous forces, and the 
flow is said to be turbulent. Hence, at high 
fluid velocities, turbulent flow dominates and 
Darcy’s law is invalid. To determine whether 
flow is laminar or turbulent, four factors are 
considered in the calculation of the Reynolds 
number (Re) (Equation 4). For Darcy’s law 
to be valid, Fetter (2001) states that the 
Reynolds number (Re) should be less than 1 
to 10, depending on the granular medium. 
In most cases seepage flow in porous media 
is slow enough for Darcy’s law to be valid, 
except where there are large cavities/fractures 
or steep hydraulic gradients (Fetter 2001).

Re = 
ρvd
μ

 (4)

In Equation 4 v is the specific discharge velo-
city and d is the characteristic microscopic 

length of the medium (often taken as the 
effective particle size, typically assumed to be 
D10 (Singh & Gupta 2000)).

Scaling laws
As with the geometry and material proper-
ties of a centrifuge model, the flow in the 
model needs to be representative of that 
in the prototype. To achieve the required 
similitude between the model and prototype, 
the flow of water needs to be properly scaled 
(Nakajima & Stadler 2006). As mentioned 
by numerous authors (e.g. Taylor 1995; 
Dell’Avanzi & Zornberg 2002; Thusyanthan 
& Madabhushi 2003; Nakajima & Stadler 
2006), the primary scaling law for flow in a 
centrifuge is that of seepage velocity (v), as 
shown in Equation 5.

vm = Nvp (5)

The seepage velocity in the centrifuge model 
(vm) will be N times greater than in the 
prototype (vp) it represents (Taylor 1995). 
As stated by Thusyanthan & Madabhushi 
(2003), this scaling law has been proven 
experimentally, provided that the prototype 
soil is used in the model and the soil is fully 
saturated (Taylor 1995).

However, when one considers Darcy’s 
equation governing seepage flow, two oppos-
ing issues arise. The debate deliberates 
whether the hydraulic conductivity (k) or 
the hydraulic gradient (i) is the fundamental 
parameter affected by increased acceleration 
(Taylor 1995; Thusyanthan & Madabhushi 
2003). Some researchers (e.g. Singh & Gupta 
2000) consider hydraulic conductivity (k) to 
be directly proportional to acceleration, and 
suggest that the gradient (i) is independent 
of acceleration as it is dimensionless. Thus, 
if i is independent of acceleration, then 
im = ip and k is a function of the accelera-
tion imposed by the centrifuge. Based on 
this argument,

vm = ip Nkp = Nvp (6)

This results in the scaling law for seepage 
velocity being satisfied.

As outlined by Taylor (1995) and 
Thusyanthan and Madabhushi (2003) the 
problem with this argument is that soils 
would appear to be impermeable under zero 
gravity. This is due to the assumption of all 
seepage flow being gravity-driven and at 
zero gravity there would not be any pressure 
gradient to induce seepage flow through the 
soil (Taylor 1995).

However, based on the definition of 
the hydraulic gradient (Equation 2), and 
as stresses are equal to those of the pro-
totype, while the lengths are condensed 

N times in the centrifuge, Taylor (1995) 
and Thusyanthan and Madabhushi (2003) 
proposed that the hydraulic gradient is N 
times larger than in the prototype. The 
increased acceleration results in an increase 
in the potential energy per unit volume of 
fluid. This results in the change in head 
(∆h) having to occur over a length N times 
smaller than in the prototype. Therefore, 
the gradient (i) will be directly proportional 
to acceleration with a scaling factor of N 
so that k can be seen as a material constant 
(km = kp), as displayed by Equation 7.

vm = Nip kp = Nvp (7)

From the above discussion it may seem 
irrelevant whether i or k is the fundamental 
parameter affected by the elevated accel-
eration field generated in a centrifuge, as 
both arguments still satisfy the scaling law 
for seepage velocity. However, when using 
centrifuge models to determine the hydraulic 
conductivity of soil material, it becomes 
important to understand the effect of cen-
tripetal acceleration on both i and k in order 
to relate the model results to the prototype 
with the appropriate scaling laws.

Assessing hydraulic conductivity 
using seepage column experiments 
in the geotechnical centrifuge
The hydraulic conductivity of a granular 
medium can be measured using a seepage 
column in the centrifuge. The option exists 
to conduct either a falling head or a constant 
head experiment. During model prepara-
tion, the granular material is placed at the 
required density in a suitable cylindrical 
container which is filled with water, and 
measures are taken to ensure saturation of 
the sample. The centrifuge is accelerated 
to the required acceleration and an outlet 
control valve at the bottom of the column is 
opened to initiate downward flow.

Prior to the opening of the outlet valve, 
full hydrostatic pressure corresponding to 
the depth of the seepage column will occur 
throughout the column. The distribution 
of hydrostatic pore pressure and potential 
(total head) is illustrated in Figure 1. During 
a hydraulic conductivity test, opening of the 
outlet valve results in the pore pressure at 
the bottom of the seepage column dropping 
rapidly to the head maintained at the outlet 
(in the case of Figure 1 it is atmospheric). 
The base of the column is usually taken as 
the test datum, so that the hydrostatic poten-
tial at the outlet is maintained at zero during 
flow and the pressure head and potential 
distributions change, as shown in Figure 1. 
In the case of a falling head test, the drop in 
potential, reflected by the drop in water level 
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over a period of time (∆t), is subsequently 
recorded and the hydraulic conductivity is 
calculated using Equation 8.

k = 
L
∆t 

ln
h0
h1

 (8)

In Equation 8 L is the height of the speci-
men of porous material in the column, h0 
the original hydrostatic potential measured 
from the datum level and h1 the potential 
after time ∆t. Equation 8 assumes a seepage 
column of constant cross-sectional area. 
Examining Equation 8 in the context of a 
hydraulic conductivity test carried out in a 
centripetal acceleration field leads to a num-
ber of observations:

 ■ In the derivation of the expression the 
initial hydraulic gradient was taken as 
h0/L reducing over time (∆t) to h1/L 
under free drainage. For the expression 
to be valid there may not be any obstruc-
tion to the flow, e.g. an outlet that is too 
narrow. Should such constrictions occur, 
the measured hydraulic conductivity will 
reflect this influence and the measure-
ment will not be a result of only the mate-
rial’s hydraulic conductivity.

 ■ The centripetal acceleration exerted 
by the centrifuge is not reflected in 
this expression, as it cancels out when 
calculating the ratio h0 /h1. The expres-
sion will therefore not be able to capture 
the increased potential energy per unit 
volume of water provided by the increase 
in acceleration. However, the time for a 
given drop in potential (∆h) will reduce 
as acceleration is increased. This will 
have the consequence that the hydraulic 
conductivity calculated using this expres-
sion will appear to increase linearly with 
increasing acceleration, as reported by 
Singh and Gupta (2000), i.e. km = N kp.

 ■ The height of a seepage column can be 
significant, relative to the radius of the 
centrifuge. Centripetal acceleration is a 
function of the radial distance from the 
axis of rotation. In columns which are 
tall, relative to the radius of the centri-
fuge, the variation in acceleration with 
depth along the height of the column will 
be significant and should be considered.

In a constant head hydraulic conductiv-
ity test, the hydrostatic potential at the 
upstream end of the sample is maintained 
at a constant level, the outlet control valve is 
opened and the resulting flow rate (q) moni-
tored. In addition, the drop in hydrostatic 
potential (∆h) between known points, sepa-
rated a known distance (∆l) along the length 
of the sample, has to be measured to enable 
the hydraulic conductivity to be calculated 
directly from Darcy’s equation, Equation 9. 

The hydrostatic potential can be monitored 
using standpipes, but they are difficult 
to record in the centrifuge. Alternatively, 
electronic pore pressure transducers can be 
used, usually more convenient in a centrifuge 
model.

k = 
q ∆l
A∆h

 (9)

In Equation 9 A is the cross-sectional area of 
the seepage column.

The following observations regarding 
hydraulic conductivity calculations using 
Equation 9 can be made:

 ■ It is not necessary to have free drainage 
through the material in the seepage 

column. Should a constriction occur, 
the effect will be reflected in the pore 
pressure measurements, and the cor-
rect hydraulic conductivity will still be 
calculated.

 ■ Should the hydrostatic potential differ-
ence (∆h) be measured as the physical 
difference in standpipe water levels, 
Equation 9 will produce results similar to 
that of Equation 8, i.e. the hydraulic con-
ductivity will be found to increase with 
increasing acceleration, or km = N kp. 
However, should the hydrostatic 
potential be calculated from the actual 
pressures recorded by pore pressure 
transducers, the hydraulic conductivity 
found will be that measured at normal 

Figure 1  Pressure head and hydrostatic potential (total head) profiles respectively during 
hydrostatic conditions and during flow
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gravity, assuming that compaction of 
the soil under increased acceleration is 
insignificant.

 ■ As in the case of a falling head test, the 
height of the seepage column relative to 
the centrifuge radius has to be considered.

A number of seepage column tests on two 
different materials are presented below, and 
the implications of the method in which the 
results are analysed are evaluated.

SeePAGe coluMN eXPerIMeNtS

centrifuge seepage column
Considering the space available on the 
centrifuge platform, a 144 mm internal 
diameter perspex cylinder of 1 000 mm in 
height was selected as the model container. 
The model set-up, illustrated in Figure 2, 
included a 50 mm thick filter at the base, up 
to a 600 mm tall soil sample on top of the 
filter and a 300 mm head of water above the 
sample. To drain the cylinder, two remotely 
controlled valves were provided at the base. 
Two valves were provided as it was assumed 
that a single outlet would unacceptably 
restrict the outflow.

Pore pressure transducers
Small electronic pore pressure  transducers 
(PPTs) were used to monitor the pore water 
pressures at discrete points within the 
sample during flow. From the pore pressure 
values the hydraulic gradient, and hence the 
conductivity of the material between the 
PPTs could be calculated.

test configurations and procedures
Using the centrifuge model, flow through 
two homogeneous soil samples was assessed 
using falling head hydraulic conductivity 
tests conducted at two acceleration levels. 
Prior to testing, material was deposited to 

600 mm above the filter. Three PPTs, spaced 
at 200 mm intervals, were placed in the 
sample (see Figure 3). The granular material 
had to be saturated to prevent the PPTs from 
desaturating before testing. This was accom-
plished by first filling the cylinder with 
de-aired water up to the level where the PPT 
would be placed. The dry granular material 
was then poured into the de-aired water and 
allowed to settle around the PPTs. The place-
ment method resulted in low sample densi-
ties. It was the intention to study changes 
in hydraulic conductivity resulting from 
compaction during centrifugal acceleration.

After preparation, the model was placed 
on the centrifuge platform, the PPTs con-
nected to the data acquisition system and the 
solenoid valves coupled to the power supply 
system. A small web camera was positioned 
to monitor the fall in water level within 
the seepage column to allow results to be 
recorded manually against time.

Material properties
The grading curves for the two materials 
tested are presented in Figure 4. For Test 1, 
the material used was a poorly graded fine 
sand with a D50 size of 0.17 mm. The mate-
rial for Test 2 was a silty sand with a D50 size 
of 0.14 mm and had a greater fraction of fine 
(silt and clay) material.

tests conducted
Test 1 was carried out at an acceleration of 
23 g and repeated at normal gravity (1 g). 
Once at 23 g, excess pore pressures were 
allowed to dissipate (stabilise) as the sample 
consolidated. The initial water level (h0) was 
recorded and the solenoid valves opened to 
initiate the falling head test. After the water 
level had dropped somewhat, the outlet 
valve was closed and hydrostatic condi-
tions allowed to re-establish, followed by a 
second flow stage. After the second stage, 

the solenoid valves were closed and the pore 
pressures were allowed to stabilise before the 
centrifuge was stopped. Once the centrifuge 
had stopped, the sample thickness and final 
water level were recorded.

The cylinder was subsequently filled 
with de-aired water, and a falling head test 
was conducted at 1 g, allowing the water 
level to drop by the same amount as in the 
centrifuge test.

For Test 2 similar procedures were fol-
lowed as for Test 1, but acceleration was 
conducted to 29 g. (A different acceleration 
was applied in this test to model prototype 
layers of different thickness – details fall out-
side the scope of this paper). The flow rate 
was significantly slower due to the greater 
fraction of finer material in the sample. 
Consequently, only a single falling head test 
was conducted in the centrifuge and no 1 g 
test was conducted, as it became impracti-
cal due to the low hydraulic conductivity of 
the material.

ANAlySIS of reSultS

calculating representative 
centripetal acceleration
The inertial acceleration (a) applied by the 
centrifuge is a function of the radius (r) of 
a point measured from the axis of rotation 
and the angular velocity (ω) of the centrifuge 
(Equation 10).

a = ω2r (10)

In a situation where the inertial acceleration 
is constant, the pore pressure (P) will vary 
linearly with depth (h) in the model accord-
ing to Equation (11) (see Figure 5(a)).

P = ρw(g ∙ Nr)h (11)

In Equation 11 Nr is the required centripetal 
acceleration which depends on the scale of 
the model, ρw is the density of water, g is 
gravitational acceleration and h indicates the 
depth in the model.

In the centrifuge, the inertial accelera-
tion varies non-linearly along the height of 
a centrifuge model. Consequently, the pore 
pressures will vary non-linearly with depth 
throughout the model. Equation 12 accounts 
for the varying acceleration with depth in the 
model and is used to calculate the pore pres-
sure at any given point (r).

P = 
1
2

ω2ρ(r2 – r0
2) (12)

In Equation 12 r0 is the radial distance from 
the axis of rotation to the model’s free water 

Figure 4 Grading curves for the sand used in centrifuge tests
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surface and ω is calculated according to 
Equation 13. Na is the set centripetal accelera-
tion in multiples of gravitational acceleration.

ω = 
Na ∙ g

r
 (13)

The pore pressure distribution plotted 
using Equation 12 in Figure 5(a) illustrates 
that the water pressure distributions for a 
varying and constant inertial acceleration 
do not align. The centripetal acceleration is 
usually adjusted to ensure that the amount 
of under-stress relative to the linear stress 
distribution is equal to the amount of over-
stress. This is achieved when the radial dis-
tance in Equation 13 is set to r0 + H/3, with 
H the depth of soil in the model (Schofield 
1980). Stresses will then match at a depth of 
2/3H below the model surface, and Na will 
represent the corresponding model scale. As 
demonstrated by Figure 5(b), the stress dis-
tributions do not match perfectly and there 
is both some over and under-stress. However, 
the deviations are relatively small and are 
normally considered insignificant.

Processing pore pressure data for 
hydraulic conductivity determination
A practical example, using a hypothetical 
model configuration illustrated by Figure 6, 
is included to demonstrate the calculation of 
hydraulic conductivity values from the pore 
pressure measurements. In Figure 6 three PPTs 
are separated by distances a and b, and the ini-
tial and final heads recorded before and after a 
test are denoted by h0 and h1 respectively.

Following Bernoulli’s equation (Equation 1), 
the total head (H) at any point is the sum of 
the pressure head (hp) and the elevation head 

(hz) when flow velocity is disregarded. Under 
hydrostatic conditions, before flow is initiated, 
the total head (or hydrostatic potential) at any 
point in the cylinder is equal to the total head 
at the bottom of the cylinder where the maxi-
mum pore pressure is measured. Therefore: 
H1 = H2 = H3.

As the acceleration varies with radial 
distance from the centrifuge axis, the eleva-
tion head cannot be simply taken as its eleva-
tion above the datum. Using the measured 
hydrostatic pore pressures for each PPT (hp) 
and the total head (H1), the elevation head 
(hz) for each PPT can be calculated from 
Equation 14, as illustrated, for example, 
for PPT 2.

hz2 = H1 – hp2 (14)

Provided that the material does not com-
press significantly during testing, these 
elevation heads remain constant for the 
duration of a test and are required for the 
determination of the hydrostatic potential, 
together with the pore pressure changes 
during flow, as illustrated for PPT 2 in 
Equation 15.

H2 = hz2 + hp2 (15)

Therefore, the hydrostatic potential at each 
PPT during flow can be determined, and the 
difference in potential (ΔH) between two 
individual PPTs calculated, to determine the 

Figure 5 Matching pore pressure distributions in constant and linearly variable acceleration fields
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hydraulic conductivity between two PPTs 
from Darcy’s law (Equation 16).

k = 
Qγwl

A(H2 – H1)
 (16)

where l is the distance separating two PPTs. 
The average volumetric discharge rate (Q) is 
determined using the internal area (A) of the 
cylinder and the recorded fall in head over 
the duration of the test (h0 to h1), provided 
that the fall in head is small. In Equation 16, 
H2 and H1 are expressed in units of pressure 
(e.g. kPa).

reSultS
Pore pressure records from the centrifuge 
tests and calculated hydraulic conductivity 
values are presented and discussed below.

test 1
The pore pressure records for the 23 g and 
1 g tests are illustrated in Figure 7. After 
acceleration commenced, the pore pressures 
increased and stabilised rapidly once the 
required acceleration was reached, as shown 
in Figure 7(a). The pore pressure rapidly 
decreased once the solenoid valves were 
opened and flow commenced, as shown in 
Figure 7(b). Following the rapid pressure 

drop after opening the valves, the pore 
pressure decreased at a constant rate as the 
water level dropped. After closing the sole-
noid valves, hydrostatic conditions rapidly 
re-established at a lower head following the 
drop in the water level.

Despite differences in magnitude and 
timing, the trends in the recorded pore 
pressures for the 1 g test – Figure 7(b) – are 

similar to that of the 23 g test. Pore pressures 
and seepage velocities were much lower due 
to the test being conducted at 1 g. The jag-
ged appearance of the graph is attributed to 
the PPTs measuring near the limit of their 
resolution.

The water head decreased by a combined 
0.237 m in 219 seconds over the two separate 
runs of the 23 g test. Flow was significantly 
slower for the 1 g tests and the water head 
fell by 0.240 m over 1 913 seconds. Potential 
differences (ΔH) between the PPTs were 
calculated from the pore pressures in 
Figures 7(a) and 7(b).

The volumetric discharge rate (Q) in each 
test was calculated from the drop in water 
level and the cylinder dimensions assuming 
constant flow. Hydraulic conductivity values 
between the PPTs were calculated using 
Darcy’s equation (Equation 16) and are pre-
sented in Table 1. The values fell within the 
same order of magnitude with the hydraulic 
conductivity of the 1 g test, on average only 
1.12 times greater than those of the 23 g test. 
Hence, the acceleration of the centrifuge 
appears to have had a minimal effect on the 
hydraulic conductivity, indicating that the 
material underwent only limited compres-
sion at high accelerations.

test 2
The finer material in Test 2 was subjected 
to a greater acceleration of 29 g. The pore 
pressure response for Test 2 is illustrated 
in Figure 8. Initially the pore pressures 
increased as the centrifuge accelerated, and 
reached their maximum values at the test 
acceleration of 29 g. The pore pressures 
then gradually decreased, and stabilised as 
the material consolidated. Consolidation 
was first completed at PPT 3, followed 

Figure 7(b) Pore pressure response during Test 1 (1 g)
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Table 1 Calculated hydraulic conductivities between PPTs at 23 g and 1 g (Test 1)

Test PPT l (m) Q (m3/s) A (m2) ΔH (kPa) i km (m/s)

23 g

1 to 2 0.2

1.76 E-05 0.0163

11.4 5.83 1.86 E-04

2 to 3 0.2 14.6 7.45 1.45 E-04

1 to 3 0.4 26.16 6.643 1.63 E-04

1 g

1 to 2 0.2

2.04 E-06 0.0163

0.142 0.710 1.77 E-04

2 to 3 0.2 0.134 0.669 1.87 E-04

1 to 3 0.4 0.276 0.689 1.82 E-04

Figure 8 Pore pressure response during Test 2 (29 g)
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subsequently by PPTs 2 and 1, reflecting 
their respective drainage path lengths.

Once the pore pressures had stabilised, 
the valves were opened. As illustrated 
by Figure 8, PPT 1 showed the quickest 
response and the greatest drop in pore pres-
sure, while PPT 3 measured the smallest 
pore pressure drop and took the longest to 
reach equilibrium after opening the valves. 
After the pressure drop following opening of 
the valves, the pore pressures decreased at a 
constant rate while steady flow occurred.

Despite the higher acceleration (29 g), 
the test took significantly longer than Test 1 
(23 g). The water level reduced by 90.5 mm 
in 2 124 seconds. Consequently no 1 g test 
was conducted, as the rate of evaporation 
from the model was judged to be significant, 
relative to the low seepage rate.

Hydraulic conductivity values, presented 
in Table 2, were calculated from the pore 

pressure data using Darcy’s equation 
(Equation 16) as before. The values calculated 
for the sample do not vary significantly and all 
fall within the same order of magnitude.

dIScuSSIoN

validity of darcy’s law in 
centrifuge tests
The hydraulic conductivities presented 
above assumes laminar flow, a requirement 
for Darcy’s law to be valid (e.g. Fetter 2001; 
Singh & Gupta 2000). This requires the 
Reynolds number to be less than unity. 
Using a characteristic length corresponding 
to a D10 of 0.85 mm for the sand (Test 1) 
and 0.004 mm for the silty sand (Test 2), 
Reynolds numbers (see Table 3) were cal-
culated assuming the standard density and 
dynamic viscosity of water at 25°C and the 
specific discharge for each test. The Reynolds 
numbers fell well below unity, confirming 
the validity of Darcy’s law.

centrifuge test 1
The pore pressure and total head distribu-
tions for Test 1 at 23 g and 1 g are illustrated 
in Figures 9 and 10 respectively. The eleva-
tion of the seepage column outlet coincided 

with the bottom of the column. Under 
unobstructed flow the pore pressure at the 
bottom of the column should therefore have 
reduced to atmospheric when the outlet 
valves were opened. It can be seen from 
Figures 7, 9 and 10 that, after opening of 
the valves, the pressure head at the base of 
the column was still substantial, indicat-
ing that the outlet posed an obstruction 
to free flow. The falling head formulation 
for calculation of hydraulic conductivity 
is therefore not valid. Had the falling head 
formulation been used, a hydraulic con-
ductivity of 2.2 E-05 m/s would have been 
calculated compared to the correct value of 
1.6 E-04 m/s, a difference of an order of mag-
nitude. Without pore pressure measurement 
at the base of the column, the user would not 
have been aware of this discrepancy.

The potential gradients at 23 g between 
respectively PPT 1 and PPT2, and PPT2 and 
PPT3, were very similar, indicating that the 
hydraulic conductivity of the material was 
not affected appreciably by compression 
under high acceleration.

A comparison of the results from the 1 g 
and 23 g tests in sand provided the opportu-
nity to address the scaling law for hydraulic 
conductivity in the centrifuge. The flow rate 
in the 23 g test was significantly faster than 
in the 1 g test. Despite this difference, the 
calculated hydraulic conductivities from the 
23 g test were on average only 1.12 times 
less than those at 1 g. This demonstrates 
that the hydraulic conductivity calculated 
from Darcy’s law is not N times greater at 
an increased acceleration of N g. Clearly the 
pore pressures are increased N times at N g. 
The induced prototype pore pressures need 

Figure 9  Test 1 (23 g): (a) Distribution of the calculated and measured pore pressures before and during flow, and (b) distribution of hydrostatic 
potential before and during flow
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Table 2 Calculated hydraulic conductivities between PPTs at 29 g (Test 2)

Test PPT l (m) Q (m3/s) A (m2) γw (kN/
m3) ΔH (kPa) km (m/s)

2

1 to 2 0.1

6.88 E-07 0.0163 9.81

79.1 5.24 E-07

2 to 3 0.2 87.3 9.49 E-07

1 to 3 0.3 166 7.47 E-07

Table 3  Calculated Reynolds numbers for each 
centrifuge test configuration

Test Reynolds number

Test 1 (23 g) 0.103

Test 1 (1 g) 0.012

Test 2 (29 g) 1.90 E-04
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to be dissipated over a flow path length that 
has been condensed N times in the centri-
fuge model. This supports the approach that 
the hydraulic gradient is scaled N times in 
the centrifuge, and not the hydraulic con-
ductivity. This approach was also preferred 
by Taylor (1995), and Thusyanthan and 
Madabhushi (2003).

centrifuge test 2
Compared to Test 1, the pore pressures 
in Test 2 dissipated more slowly after the 
test acceleration had been reached, and 
the sample took considerably more time to 
consolidate (see Figure 8). Also, when the 

valves were opened, the pore pressures above 
the column base were notably slower to react 
than at the base, due to the lower hydraulic 
conductivity for the material in Test 2.

The pore pressure and total head distri-
butions measured and calculated for Test 2 
are presented in Figure 11. The elevation of 
the seepage column outlet was marginally 
below that of the bottom of the column. 
Once the outlet valves were opened, the pore 
pressure at the base of the column dropped 
to near atmospheric pressure, indicating that 
the outlet valve did not pose a restriction 
to flow. A true falling head test was there-
fore carried out, and both the falling head 

formula and Darcy’s equation could therefore 
be used to assess the hydraulic conductivity. 
The hydraulic conductivities calculated using 
both approaches are summarised in Table 4, 
showing little difference.

Figure 11(b) shows the hydrostatic poten-
tial gradient between PPT 1 and PPT 2 to 
be greater than between PPT 2 and PPT 3, 
indicating a lower hydraulic conductivity. 
This suggests that compression of the mate-
rial under high accelerations resulted in a 
reduction in hydraulic conductivity.

The hydraulic conductivity values in 
Test 2 were two orders of magnitude lower 
than in Test 1. This was to be expected, given 

Figure 10  Test 1 (1 g): (a) Distribution of the calculated and measured pore pressures before and during flow, and (b) distribution of hydrostatic potential 
before and during flow
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Figure 11  Test 2 (29 g): (a) Distribution of the calculated and measured pore pressures before and during flow, and (b) distribution of hydrostatic 
potential before and during flow
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the respective grading curves (Figure 4). 
Hazen’s formula predicted a similar value 
(see Table 4.)

coNcluSIoNS
The geotechnical centrifuge can be used 
to reduce the time necessary to conduct 
hydraulic conductivity tests on fine-grained 
granular materials. The increased accelera-
tion imposed using the centrifuge serves to 
increase the potential energy per unit volume 
of water and therefore the hydrostatic poten-
tial driving flow. This results in an acceler-
ated inter-particle flow velocity vm = Nvp 
where N is a multiple of gravitational 
acceleration. The time required to complete 
the test will also be accelerated by a factor N, 
assuming that the same volume of water 
flows through the sample.

In calculating hydraulic conductivity 
from the results of centrifuge tests, equations 
in which the increased hydrostatic potential 
does not feature (e.g. the falling head for-
mula, Equation 8) will produce a hydraulic 
conductivity that appears to vary with the 
imposed acceleration level km = N kp. On 
the other hand, should the actual hydro-
static potential as measured by, for example, 
pressure transducers, be incorporated into 
Darcy’s equation (Equations 9 or 16), the 
calculated hydraulic conductivity should be 
the same as that calculated at normal gravity, 
provided that the material does not compress 

significantly under the increased acceleration 
in the centrifuge.

It is advocated that, in contrast with 
the recommendation by Singh and Gupta 
(2000) that hydraulic conductivity from 
a centrifuge test scales with the imposed 
acceleration, it can be assumed instead that 
it is the hydrostatic potential driving the 
flow which is increased by acceleration, 
leaving the calculated hydraulic conductiv-
ity unchanged compared to that measured 
under normal gravity.

When applying falling head formulas in 
which the actual hydrostatic potential is not 
explicitly incorporated, it is important to 
ensure that no obstruction to flow or other 
deviations from the assumptions made in the 
derivation of the equations are present, e.g. 
outlet valves restricting flow. Such obstruc-
tions will render the calculated hydraulic con-
ductivities inaccurate. Without pore pressure 
measurement at the base of the column the 
user will not be aware of such obstructions. 
Equations catering for the actual hydrostatic 
potential, taking into account the acceleration 
level, and which are based on the actual flow 
rate, do not suffer from this shortcoming and 
can accommodate obstructed flow.
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Table 4  Hydraulic conductivity values from Darcy’s equation, the falling head and Hazen’s formulas 
for Test 2

Test PPT

Hydraulic conductivity km

Darcy’s law
(m/s)

Falling head formula  
(m/s)

Hazen’s formula D10
2  

(m/s)

2

1 to 2 5.24 E-07

5.27 E-07* 1.60 E-072 to 3 9.49 E-07

1 to 3 7.47 E-07

*Value calculated from Equation 8 and divided by 29 (the acceleration in g)
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INtroductIoN
Track geometry is a critical facet of any 
railway system, directly affecting the per-
formance of the railway track itself and the 
behaviour of the railway vehicles using the 
system. Superelevation (also known as cant) 
is the term used to denote the raising of the 
outer rail on curved track to allow higher 
speeds than if the two rails were level. In 
curves, cant is one of the most important 
track geometry parameters, which can 
change the wheel/rail contact relationship 
and then influence the dynamic interaction 
(Wang et al 2013), including the vertical and 
lateral forces experienced by both the track 
and the railway vehicles.

This paper presents an investigation into 
the relationship between vertical and lateral 
forces, speed and cant in railway curves 
that was undertaken on the Gautrain Rapid 
Rail Link.

bAcKGrouNd
The Gautrain Rapid Rail Link is a rail 
transit system that links the two  cities 
of Johannesburg and Pretoria in the 
province of Gauteng, South Africa. The 
system also provides an airport service 

between Johannesburg and the OR Tambo 
International Airport. Travelling at speeds 
of up to 160 km/h, the Gautrain system is 
the first of its kind in South Africa, and in 
fact in Africa. The Gautrain airport service 
has been operational since June 2010 and 
the commuter service has been operational 
since August 2011. The relative newness and 
uniqueness of this state-of-the-art railway 
engineering project in the South African 
context therefore provided an excellent 
opportunity for carrying out this research.

After the opening of the Gautrain system 
the initial wear rates of the Gautrain wheels 
were higher than expected. Specifically 
the wheel flange wear resulted in more 
frequent wheel re-profiling needing to be 
done than originally planned as part of the 
maintenance schedules. Assuming that the 
track gauge of a railway system is within an 
acceptable tolerance range (which is the case 
for the Gautran system), then it is known 
that wheel flange wear predominantly takes 
place in curves.

An experimental curve was selected and 
this curve was found to be experiencing high 
leg contact to the gauge side of the rail, while 
the low leg contact was to the field side of the 
rail. In order to move the high leg contact 

exploring the relationship 
between vertical and 
lateral forces, speed 
and superelevation 
in railway curves
A F Powell, P J Gräbe

The research described in this paper is based on an experiment which involved running a 
test train through a curve at various speeds, changing the cant of the curve by tamping and 
repeating the train runs. The cant was changed due to high wheel wear rates. The curve already 
had a cant deficiency, and this cant deficiency was subsequently increased by reducing the 
curve’s cant. Assessing the before and after tamping test data validated the existence of the 
expected relationships between the vertical and lateral rail forces, the speed and the cant. 
The change in cant had a minimal effect on the magnitude of the vertical forces, although 
a transfer of loading between the high and low legs did occur. The theory indicates that the 
14% reduction in cant in this curve, given all of the other curve characteristics, should have 
resulted in an increase in the lateral forces. There was, however, a roughly 50% reduction in the 
maximum lateral forces, after the cant had been reduced, which can be explained from a train 
dynamics point of view. In addition, there was an increase in safety, due to a reduced derailment 
ratio at this curve’s normal operating speed of 85 km/h. It is not unreasonable to presume that a 
50% reduction in the maximum lateral forces could lead to a halving of the wear rate of the rail 
and wheels in this curve, with similar results to be expected in other curves on the rail network.
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band away from the gauge side of the rail, 
the cant needs to be reduced (as was done in 
this research) or alternatively the operational 
speed of the train needs to be increased. The 
curve already had a cant deficiency, and this 
cant deficiency was subsequently increased 
by reducing the curve’s cant.

cANt
Descriptions, figures and the derivations of 
the various formulae used in this discussion 
of cant are taken from Lindahl (2001) and 
Esveld (2001), unless stated otherwise.

Cant is the difference in elevation 
between a point on one rail and elevation of 
a point on the other rail measured along a 
line perpendicular to the track centre line as 
indicated in Figure 1. Also shown in Figure 1 
is twist, which is the difference in elevation 
of two points, one on either rail, a fixed 
distance apart along the length of the track, 
as indicated. The distance between the two 
points is referred to as the twist base.

Cant compensates for the centrifugal 
force arising from a train traversing a curve. 
If a track was canted to the level required for 
the maximum speed of the fastest train, the 
level of tilt would be too high for a slower 
train. A compromise degree of cant is there-
fore used, known as ‘cant deficiency’.

From a curving point of view, a stationary 
train in a curve with cant, will be experienc-
ing overbalance in the form of an excess 
of cant, at which point the train will be 
experiencing negative lateral accelerations, 
and given a situation with sufficient cant 
excess, the stationary train may roll over to 
the inside of the curve.

As the train’s speed increases from station-
ary, this overbalance situation (cant excess) 
will reduce up until the speed where a balance 
is achieved, at which point the train will be 
experiencing zero lateral accelerations.

Train speeds beyond the balance speed will 
result in the train experiencing underbalance 
in the form of a deficiency of cant, at which 
point the train will be experiencing positive 

lateral accelerations, and, given a situation with 
sufficient cant deficiency, the train may derail 
due to rail roll over, the car rolling over or sim-
ply derailing to the outside of the curve.

The balance speed is the speed at which the 
compensation due to cant balances the accel-
eration due to curving. Relative to the track 
plane, the perceived lateral acceleration is then 
zero. The cant which gives lateral accelerations 
equal to zero at a given radius (R) and given 
vehicle speed (v) is called the equilibrium cant 
(heq) and is calculated by Equation 1.

heq = 
2a ∙ v2

g ∙ R
 (1)

where 2a = effective gauge (for the Gautrain 
standard rail gauge of 1.435 m, 2a ≈ 1.500 m).

The equilibrium speed, or balance speed 
(veq), is the vehicle speed at which lateral 
accelerations are equal to zero for a given 
radius (R) and a given cant (h), and is given 
by Equation 2.

veq = 
R ∙ g ∙ h

2a
 (2)

At speeds under the balance speed, cant 
excess exists, meaning the track has exces-
sive cant for the present speed. With cant 
excess, perceived accelerations are to the 
inside of the curve. At speeds over the bal-
ance speed, cant deficiency exists, meaning 
the track has insufficient cant for the present 
speed. With cant deficiency, perceived accel-
erations are to the outside of the curve.

Cant excess and cant deficiency can be 
mathematically represented by means of 
Equations 3 and 4.

Cant excess (he): 
v2

R
 < g ∙ 

h
2a

 (3)

Cant deficiency (hd): 
v2

R
 > g ∙ 

h
2a

 (4)

eXPerIMeNtAl worK
The basis of the investigation was to deter-
mine how to minimise wheel and rail wear 
by optimising the interaction between the 
wheel and rail, with the focus of the investi-
gation being the relationship between cant 
and speed. The experimental work involved 
running a test train through a curve at vari-
ous speeds, changing the cant of the curve 
by tamping and repeating the train runs.

characteristics of the 
experimental curve
Two test sites, 40 m apart in the same curve, 
were instrumented with strain gauges to 

Figure 1 Cant and twist in the transverse vertical plane (University of Pretoria 2010)
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Figure 2 Geographical location of the experimental curve (Google Earth 2015)

Experimental curve
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measure the vertical and lateral forces being 
exerted on the rail by the wheels of a train at 
different track cants as the train ran through 
the curve at different speeds. The selected 
curve was on the Gautrain line between 
Pretoria and Hatfield stations. Pretoria Station 
has an operational chainage of km 0.000, 
while Hatfield Station has an operational 
chainage of km 5.425. Site 1 (S1) was located 
at km 3.215 and Site 2 (S2) was located at 
km 3.175. Figure 2 indicates the geographical 
location of the selected experimental curve on 
the Pretoria to Hatfield Gautrain line.

The selected curve had a design horizon-
tal radius of 405 m, a design cant of 120 mm, 
a design operational speed of 85 km/h, and 
a circular curve length of 318 m, with 100 m 
transition curves on either side of the circu-
lar curve.

Strain gauge measurements
The base chevron strain gauge configura-
tion method (as can be seen in Figure 3) 
was used for the measuring of vertical and 
lateral forces. The base chevron method is 

an alternative to the more widely used web 
bending strain gauge configuration method 
(as can be seen in Figure 4).

The base chevron method and the web 
bending method both measure the vertical 
forces in the same way by means of attaching 
the vertical gauges to the web of the rail. With 

regard to the measurement of lateral forces, 
however, the two methods differ in that, when 
using the base chevron method, the lateral 
gauges are attached to the foot of the rail, while 
the web bending method measures lateral 
forces by means of attaching the lateral gauges 
in a vertical orientation on the web of the rail.

Experimental curve

Figure 3 Vertical and lateral gauge configuration for base chevron method
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Figure 4 Vertical and lateral gauge configuration for web bending method
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It is believed that the web-bending tech-
nique of strain gauging the rail to measure 
the lateral rail force is subject to cross talk 
from the vertical rail force. The initial results 
of tests conducted by Transnet Freight Rail 
(Reitmann 2013) indicate that the base 
chevron method measures lateral forces 
more  accurately.

Calibrations for the vertical strain 
gauges and lateral strain gauges were 
undertaken using a loadtech 10 t load cell, 
model LT200, and a 10 t hydraulic jack. 
The lateral calibration rig can be seen in 
Figure 5(a), while the vertical calibration rig 
can be seen in Figure 5(b). The amplification 

instrument used with the strain gauges was 
a Quantum X, MX840A 8-channel universal 
amplifier, and the collection of data through-
out the experimental process was done at a 
sampling rate of 1 200 Hz.

In terms of sign convention for the lateral 
forces, any force pulling the outer or inner 
rail of the curve towards the middle of the 
track was considered to be a negative force, 
while any lateral force to the outside of the 
track was considered to be positive. For the 
vertical forces, any force pushing down onto 
the rail was considered to be positive. From 
a practical point of view, rails should never 
experience a negative vertical force, with the 

smallest force that they should be exposed to 
being 0 in the case of a wheel totally lifting 
(unloading) off the track, for example during 
a derailment. Figure 6 illustrates a simple 
longitudinal view of the described sign con-
vention for the lateral and vertical forces.

cant of the experimental curve
Cant measurements before and after tamp-
ing for the experimental curve were collected 
by means of a laser-based Track Geometry 
Measuring System (TGMS). Spot cant meas-
urements for comparison purposes were 
also taken using a handheld track gauge, and 
these spot measurements were in agreement 
with the TGMS measurements. Table 1 
shows the various curve characteristics of 
interest (both measured and calculated) 
before and after tamping.

The decision to reduce the cant, thereby 
further increasing the cant deficiency in the 
curve, was made based on on-board train 
observations that, at the normal operating 
speed of the test curve, the wheels were 
generating flanging noise emanating from 
the low leg. Top-of-rail noise is significantly 
different in nature to flanging noise, and the 
side of the train from which the noise was 
emanating indicated low leg flanging. This 
same observation had already been detected 
by the Gautrain track maintenance teams 
(also through on-board train observations), 
which is why the curve cant before tamping 
was already set to a lower value than the 
design value of 120 mm.

characteristics of the test trains
A typical Gautrain Bombardier Electrostar 
four-car commuter train set was used 
for the test runs through the instru-
mented experimental curve. The standard 

Figure 6 Sign convention for lateral and vertical rail forces
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Figure 7 Gautrain four‑car commuter train wheel and axle configuration
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Table 1 Curve characteristics before and after tamping

  Curve parameter Curve design Curve actual Site 1 Site 2

B
ef

or
e 

ta
m

pi
ng

Radius before tamping (m) 405.0 421.9 Curve actual Curve actual

Cant before tamping (mm) 120.0 107.1 109.9 105.9

Speed before tamping (km/h) 85.0 85.0 85.0 85.0

heq before tamping (mm) 210.5 202.1 202.1 202.1

veq before tamping (km/h) 64.2 61.9 62.7 61.5

hd before tamping (mm) 90.5 95.0 92.2 96.2

A
ft

er
 ta

m
pi

ng

Radius after tamping (m) 405.0 412.2 Curve actual Curve actual

Cant after tamping (mm) 120.0 92.0 91.5 92.8

Speed after tamping (km/h) 85.0 85.0 85.0 85.0

heq after tamping (mm) 210.5 206.8 206.8 206.8

veq after tamping (km/h) 64.2 56.7 56.5 56.9

hd after tamping (mm) 90.5 114.8 115.3 114.0

Table 2 Gautrain car descriptions

Car type Description

DMOS A/B Driving Motor Open Standard

DMOA Driving Motor Open Airport

MOS Motor Open Standard

PTOS Pantograph Trailer Open 
Standard

PTOA Pantograph Trailer Open Airport
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Gautrain four-car commuter train con-
figuration is as follows (descriptions 
of the car names are given in Table 2): 
DMOS A + MOS + PTOS + DMOS B

Figure 7 shows the configuration of 
the wheels (W) and axles on the four-car 
 commuter train.

test train runs
For the before-tamping tests a test train 
was run through the experimental curve at 
speeds varying from 10 km/h to 110 km/h in 
10 km/h increments. For the after-tamping 
tests the speeds varied from 10 km/h to 
105 km/h in 10 km/h increments, with the 
final sets of test runs being done at 100 
km/h and 105 km/h. A speed of 105 km/h 
was set as the limit for the after-tamping 
test runs, due to the decreased cant and the 
extraordinarily high risks associated with 
taking a train at too high a speed through 
a curve. The on-site conditions needed to 
be taken into account, with the possibility 
of track irregularities, such as proud or 
dipped welded rail joints and track geometry 
defects. Travelling from Hatfield towards 
Pretoria, the curve that immediately follows 
the experimental curve (see Figure 2) has 
a design radius of 264.5 m and is curved in 
the opposite direction to the experimental 
curve, and therefore the test trains running 
in this direction needed to slow down 
sufficiently to safely negotiate this adjacent 
curve. Travelling in the opposite direction 
the trains also needed a sufficient length 
of track once exiting this adjacent curve 
in order to get up to the target speed 
before reaching the experimental curve. 
These various on-site conditions therefore 
governed the maximum test speeds of 
110 km/h and 105 km/h before and after 
tamping respectively. In order to have some 
data redundancy, at least two test runs 
were done in each direction as close to each 
target speed as possible, and the required 
data was successfully collected for all the 
test runs. For the purpose of detailed data 
analysis, one run in each direction at each 
speed for test runs before and after tamping 
was selected based on which of the test runs 
was closest to the target speed.

The test train drivers attempted to 
accurately achieve the target speed for 
each test run, but given the nature of train 
handling, achieving the exact target speed 
was not practically possible. Therefore, in 
order to accurately determine the speed 
of each test run, the distance between 
Axle 1 of DMOS A and Axle 1 of DMOS B 
(75.843 m), as well as the time taken from 
the recording of the greatest vertical and 
lateral forces on the high and low legs at 
each of these two axles, was taken. This 

then allowed an accurate assessment of the 
relationship between the vertical and lateral 
forces, speed and superelevation in the 
experimental curve.

For testing purposes, directions were 
also assigned to the various test train runs. 
Trains running through the experimental 
curve from Hatfield towards Pretoria were 
considered as being in the “Down” direc-
tion, while trains running through the 
experimental curve from Pretoria towards 
Hatfield were considered as being in the 
“Up” direction.

dAtA collectIoN
The data collected from each test run was 
assessed to determine the maximum and 
minimum (both positive and negative) forces 
that occurred at each wheel on the test train 
at each test run speed. A tabular representa-
tion of the assessed before-tamping lateral 
force data for a test train travelling from 
Hatfield to Pretoria at Site 1 is shown in 
Table 3 (on page 30). A three-colour scale 
was used to visually present the results for 
each test run, in order to provide an indica-
tion of the trend as to where the maximum 
and minimum (both positive and negative) 
forces occur. The lowest value of the 32 
measured wheel forces for each test train is 
highlighted in red, while the highest value is 
highlighted in green. The palest shade shows 
the midpoint value, with the scale progress-
ing through lighter shades of red and green 
towards the midpoint value. For ease of ref-
erence, the maximum and minimum values 
for each run are also shown in bold italics 
and are underlined.

All in all a total of 16 such tables were 
generated from the collected data, covering 
both vertical and lateral forces, before and 
after tamping, in the up and down train 
travelling directions at Sites 1 and 2.

In order to interpret the measured data, 
a selection process had to be undertaken 
in order to assess which wheels, on which 
axle, on which bogie and on which car were 
contributing to the greatest loadings (both 
positive and negative) on each rail leg.

As a starting point the before-tamping 
data was analysed in order to determine 
which wheels to focus the analyses on, and 
from the before-tamping wheel selections 
the same wheels were assessed after tamping 
and compared to the before-tamping results. 
Figure 8 (on page 31) shows which wheels 
were chosen for analyses for the test runs in 
the down and up directions.

The locations of the various analysed 
wheel positions, specifically with reference 
to the direction in which the test trains were 
travelling, are discussed below.

Maximum and minimum vertical 
force wheel positions
The maximum vertical force on the high leg 
remained in the absolute same bogie, axle 
and wheel position (DMOS B 8) on the train 
for both directions of travel. In the down 
direction DMOS B 8 was on the leading axle 
of the leading bogie of the leading vehicle of 
the four-car train (DMOS B), whereas in the 
up direction DMOS B 8 was on the trailing 
axle of the trailing bogie of the rear vehicle 
of the four-car train (DMOS B).

The maximum vertical force on the low 
leg remained in the absolute same bogie 
position, and remained in the same rela-
tive axle position in relation to this bogie, 
namely DMOS B 1 in the down direction and 
DMOS B 2 in the up direction. In the down 
direction DMOS B 1 was on the leading axle 
of the leading bogie of the leading vehicle of 
the four-car train (DMOS B), whereas in the 
up direction DMOS B 2 was on the leading 
axle of the trailing bogie of the rear vehicle 
of the four-car train (DMOS B).

The minimum vertical force on the high 
leg remained in the absolute same bogie, axle 
and wheel position (PTOS 3) on the train 
for both directions of travel. In the down 
direction PTOS 3 was on the trailing axle 
of the leading bogie of the second vehicle of 
the four-car train (PTOS), whereas in the up 
direction PTOS 3 was on the leading axle of 
the trailing bogie of the third vehicle of the 
four-car train (PTOS).

The minimum vertical force on the low 
leg remained in the absolute same bogie, 
axle and wheel position (MOS 5) on the train 
for both directions of travel. In the down 
direction MOS 5 was on the leading axle 
of the leading bogie of the third vehicle of 
the four-car train (MOS), whereas in the up 
direction MOS 5 was on the trailing axle of 
the trailing bogie of the second vehicle of the 
four-car train (MOS).

In summary it is therefore interesting to 
note that, of the four vertical forces under 
consideration (vertical, maximum and 
minimum for both the high leg and the low 
leg), three of them (DMOS B 8, PTOS 3 and 
MOS 5) stayed in the exact same absolute 
position on the train for both the down 
and the up directions, while the other one 
(DMOS B 1 vs DMOS B 2) stayed in the 
absolute same bogie position and the same 
relative axle position in relation to this bogie 
for the down versus the up direction.

Maximum and minimum lateral 
force wheel positions
The maximum lateral force on the high 
leg remained in the same relative position 
(DMOS A 4 vs DMOS A 1) on a specific vehi-
cle for the down versus the up direction. In the 
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Table 3 Lateral forces before tamping (wheels) – down direction Site 1

Hatfield to Pretoria (down) 
km 3.215 (Site 1) before tamping

km/h

11.04 20.75 30.65 40.11 49.64 59.56 68.83 79.17 89.02 101.78 109.18

Car type 
and axle Wheel and Rail Leg Lateral Force (t)

DMOS B Axle 1
Wheel 8 – High Leg 1.40 1.51 1.63 1.37 1.62 1.66 1.59 1.77 1.83 2.04 2.24

Wheel 1 – Low Leg 3.04 3.21 3.31 3.09 2.99 2.93 2.81 2.66 2.49 2.17 2.14

DMOS B Axle 2
Wheel 7 – High Leg –0.75 –0.68 –0.64 –0.51 –0.44 –0.38 –0.25 –0.22 0.33 0.61 0.72

Wheel 2 – Low Leg 0.93 0.68 0.64 0.49 0.35 0.26 –0.18 –0.38 –0.59 –0.83 –0.99

DMOS B Axle 3
Wheel 6 – High Leg 1.19 1.34 1.46 1.39 1.70 1.52 1.55 1.33 1.49 1.46 1.64

Wheel 3 – Low Leg 2.81 2.93 3.08 2.93 2.94 2.85 2.69 2.54 2.10 1.73 1.60

DMOS B Axle 4
Wheel 5 – High Leg –0.78 –0.51 –0.44 –0.45 –0.28 –0.24 –0.15 0.16 0.38 0.78 0.99

Wheel 4 – Low Leg 0.82 0.38 0.25 0.25 –0.06 –0.13 –0.31 –0.43 –0.63 –0.92 –0.92

PTOS Axle 4
Wheel 4 – High Leg 1.93 2.02 2.20 2.12 2.04 2.15 2.03 2.14 2.10 2.09 2.27

Wheel 5 – Low Leg 3.04 3.09 3.26 3.25 2.91 2.92 2.70 2.54 2.32 2.07 1.95

PTOS Axle 3
Wheel 3 – High Leg –0.85 –0.58 –0.54 –0.53 –0.35 –0.30 –0.24 –0.15 0.29 0.49 0.63

Wheel 6 – Low Leg 1.35 0.58 0.48 0.38 0.13 –0.04 –0.18 –0.34 –0.50 –0.65 –0.72

PTOS Axle 2
Wheel 2 – High Leg 1.28 1.29 1.34 1.31 1.38 1.47 1.41 1.59 1.65 1.54 1.85

Wheel 7 – Low Leg 3.18 3.22 3.32 3.31 3.05 3.10 2.98 2.73 2.51 2.14 1.89

PTOS Axle 1
Wheel 1 – High Leg –0.81 –0.44 –0.37 –0.36 –0.23 –0.23 0.20 0.42 0.48 0.73 0.83

Wheel 8 – Low Leg 0.80 0.21 0.19 –0.05 –0.27 –0.39 –0.52 –0.68 –0.72 –0.86 –0.96

MOS Axle 4
Wheel 4 – High Leg 1.57 1.78 1.77 1.74 1.80 1.96 1.88 1.85 1.72 1.73 1.84

Wheel 5 – Low Leg 2.86 3.04 3.06 2.95 2.81 2.66 2.55 2.34 2.18 1.88 1.78

MOS Axle 3
Wheel 3 – High Leg –0.92 –0.64 –0.61 –0.60 –0.41 –0.32 –0.27 –0.14 0.25 0.52 0.70

Wheel 6 – Low Leg 1.10 0.55 0.47 0.39 0.20 –0.07 –0.19 –0.38 –0.51 –0.68 –0.76

MOS Axle 2
Wheel 2 – High Leg 1.72 1.84 2.03 1.98 2.13 2.21 2.28 2.16 2.26 2.09 2.02

Wheel 7 – Low Leg 2.91 2.99 3.10 3.03 2.85 2.91 2.81 2.81 2.39 2.21 1.94

MOS Axle 1
Wheel 1 – High Leg –0.70 –0.57 –0.57 –0.55 –0.50 –0.43 –0.30 –0.26 0.17 0.32 0.46

Wheel 8 – Low Leg 1.18 0.89 0.78 0.73 0.61 0.58 0.47 0.32 0.21 –0.32 –0.39

DMOS A Axle 4
Wheel 4 – High Leg 2.02 2.19 2.22 2.28 2.44 2.37 2.28 2.17 2.07 1.97 1.91

Wheel 5 – Low Leg 3.25 3.39 3.42 3.33 3.13 3.11 3.01 2.83 2.42 2.26 2.11

DMOS A Axle 3
Wheel 3 – High Leg –0.88 –0.62 –0.65 –0.63 –0.45 –0.37 –0.29 –0.16 0.27 0.45 0.80

Wheel 6 – Low Leg 1.19 0.64 0.56 0.48 0.21 0.09 –0.12 –0.28 –0.46 –0.61 –0.77

DMOS A Axle 2
Wheel 2 – High Leg 1.66 1.80 1.83 1.84 1.95 2.01 2.07 2.00 1.81 1.97 2.03

Wheel 7 – Low Leg 3.33 3.43 3.45 3.33 3.23 3.20 3.10 2.89 2.70 2.44 2.06

DMOS A Axle 1
Wheel 1 – High Leg –0.96 –0.71 –0.73 –0.67 –0.47 –0.38 –0.34 –0.25 0.26 0.52 1.07

Wheel 8 – Low Leg 1.33 0.90 0.85 0.83 0.59 0.49 0.41 0.26 –0.22 –0.52 –0.78

Note:  This three-colour scale visually presents the results for each test run, to provide an indication of the trend as to where the maximum and minimum (both 
positive and negative) forces occur. The lowest value of the 32 measured wheel forces for each test train is highlighted in red, while the highest value is 
highlighted in green. The midpoint value is the palest shade, with the scale progressing through lighter shades of red and green towards the midpoint value. 
For ease of reference, the maximum and minimum values for each run are also shown in bold italics and are underlined.
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Figure 8 Before‑ and after‑tamping analysed wheels

Maximum vertical force Minimum vertical force Maximum lateral force Minimum lateral force
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SITE 1: HIGH LEG RAIL – Before tamping (Down direction: Hatfield to Pretoria)

SITE 1: LOW LEG RAIL – Before tamping (Down direction: Hatfield to Pretoria)

Pretoria Hatfield=

W1

W8

W2

W7

W3

W6

W4

W5
A

xl
e 

1

A
xl

e 
2

A
xl

e 
3

A
xl

e 
4

DMOS B

W5

W4

W6

W3

W7

W2

W8

W1

A
xl

e 
4

A
xl

e 
3

A
xl

e 
2

A
xl

e 
1

PTOS =

W5

W4

W6

W3

W7

W2

W8

W1

A
xl

e 
4

A
xl

e 
3

A
xl

e 
2

A
xl

e 
1

MOS =

W5

W4

W6

W3

W7

W2

W8

W1

A
xl

e 
4

A
xl

e 
3

A
xl

e 
2

A
xl

e 
1

DMOS A

SITE 2: HIGH LEG RAIL – After tamping (Down direction: Hatfield to Pretoria)

SITE 2: LOW LEG RAIL – After tamping (Down direction: Hatfield to Pretoria)
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SITE 2: HIGH LEG RAIL – Before tamping (Down direction: Hatfield to Pretoria)

SITE 2: LOW LEG RAIL – Before tamping (Down direction: Hatfield to Pretoria)
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SITE 1: HIGH LEG RAIL – After tamping (Up direction: Pretoria to Hatfield)

SITE 1: LOW LEG RAIL – After tamping (Up direction: Pretoria to Hatfield)
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SITE 1: HIGH LEG RAIL – Before tamping (Up direction: Pretoria to Hatfield)
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SITE 2: HIGH LEG RAIL – After tamping (Up direction: Pretoria to Hatfield)
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down direction DMOS A 4 is on the leading 
axle of the leading bogie of the trailing vehicle 
of the four-car train (DMOS A), whereas in 
the up direction DMOS A 1 is on the leading 
axle of the leading bogie of the leading vehicle 
of the four-car train (DMOS A).

The maximum lateral force on the low 
leg remained in the same relative axle posi-
tion on the same bogie on the same vehicle 
(DMOS A 7 vs DMOS A 8) for the down 
versus the up direction. In the down direc-
tion DMOS A 7 was on the leading axle of 
the trailing bogie of the rear vehicle of the 
four-car train (DMOS A), whereas in the up 
direction DMOS A 8 was on the leading axle 
of the leading bogie of the leading vehicle of 
the four-car train (DMOS A).

The minimum lateral force on the high 
leg remained in the same relative position 
(DMOS B 7 vs DMOS A 2) on the train for 
both directions of travel. In the down direc-
tion DMOS B 7 was on the trailing axle of 
the leading bogie of the leading vehicle of the 
four-car train, whereas in the up direction 
DMOS A 2 was on the trailing axle of the 
leading bogie of the leading vehicle of the 
four-car train.

The minimum lateral force on the low 
leg remained in the same relative position 
(PTOS 8 vs MOS 5) on the train for both 
directions of travel. In the down direction 
PTOS 8 was on the trailing axle of the trail-
ing bogie of the second vehicle of the four-
car train, whereas in the up direction MOS 5 
was on the trailing axle of the trailing bogie 
of the second vehicle of the four-car train.

In summary it is therefore interest-
ing to note that, of the four lateral forces 
under consideration (lateral, maximum and 
minimum for both the high leg and the low 
leg), none of them stayed in the exact same 
absolute position on the train for both the 
up and the down directions. Instead, two of 
them (DMOS B 7 vs DMOS A 2 and PTOS 8 
vs MOS 5) stayed in the same relative posi-
tion on the train for the down versus the 
up direction. One of them (DMOS A 4 vs 
DMOS A 1) stayed in the same relative posi-
tion on a specific vehicle for the down versus 
the up direction. The last one (DMOS A 7 
vs DMOS A 8) stayed in the same relative 
axle position on the same bogie on the same 
vehicle for the down versus the up direction.

dAtA INterPretAtIoN
From the collected data, the measured 
maximum and minimum wheel force data 
could be summed (while ensuring that sign 
convention was taken into account) to assess 
the collected experimental data from a bogie, 
individual car and four-car train point of 
view, in addition to the assessed wheel force 

data. Balancing force graphs for the vertical 
and lateral forces at the various speeds could 
then be plotted for all levels of assessed data. 
Adding trend lines, and determining the 
equations of these trend lines, allowed for 
the intersection points between the high and 
low leg, and the vertical and lateral forces 
before and after tamping to be determined.

Figures 9 and 10 provide examples of 
these plots for Site 1 in the down direction, 
showing both the before- and after-tamping 
vertical force data (Figure 9) and lateral force 
data (Figure 10) for a four-car train. Solving 

for the trend lines shown on Figures 9 and 
10 yields the force balancing information 
shown in Table 4. With reference to Table 4, 
for Site 1 in the down direction the balanced 
vertical force generated by the four-car train 
as a whole for the high and low leg was 85.96 t 
at a speed of 56.45 km/h before tamping and 
89.27 t at a speed of 78.07 km/h after tamping. 
For the lateral forces the balanced lateral force 
generated by the four-car train as a whole for 
the high and low leg was 16.77 t at a speed 
of 85.82 km/h before tamping and 7.43 t at a 
speed of 84.63 km/h after tamping.

Figure 9 Vertical forces (four‑car train) – down direction Site 1
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Figure 10 Lateral forces (four‑car train) – down direction Site 1
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Similar detailed assessments were done 
at wheel, bogie, car and four-car train level 
for both sites, in both directions and the 
summarised results of these analyses are 
presented in the Results and Discussion sec-
tion below.

Discontinuities that can be seen in 
Figures 9 and 10 most likely arise from one 
of the following situations:

 ■ Under certain operating conditions train 
wheels may not simultaneously find their 
desired or preferred running path, and 

then enter into a state of hunting in order 
to try and achieve their preferred run-
ning path, with hunting oscillation being 
defined as a periodic motion in lateral 
displacement. Hunting could therefore 
have a significant effect on the lateral 
loads, and to a certain degree the vertical 
loads as well, dependent on the wheel 
positions on the rail heads of both the 
high and low legs at the location of the 
strain gauges.

 ■ Driver behaviour, such as braking or 
accelerating in the vicinity of the strain 
gauges, could also influence the measured 
values, thus also undermining a good 
coefficient of determination value for the 
data (shown in Figures 9 and 10 as R2), 
while nonetheless still providing insights 
into the general trend line shapes, albeit 
with a less than ideal R2 value. In this 
experiment the drivers were cautious 
not to compromise the integrity of the 
data, driving as consistently as possible, 
but nonetheless, varying a train’s speed 
from 10 – 110 km/h through a 318 m long 
curve will invariably incorporate some 
inconsistencies between test runs.

 ■ With specific reference to the analysis 
dealing with lateral forces, possible expla-
nations for discontinuities in the data 
could be due to the low forces involved 
when dealing with lateral forces. One 
train could measure a maximum lateral 
wheel force of -0.5 t, while the next train 
measures a maximum lateral wheel force 
of +0.5 t, which is only an absolute differ-
ence of 1 t, but equates to a 200% increase 
in force. Several train runs could then 
fluctuate between negative and positive 
values, which would have a noticeably 
detrimental effect on the R2 value.

reSultS ANd dIScuSSIoN
The operational speed of the experimental 
curve is one of the variables that remained 
constant both before and after tamping, 
and there is no intention of changing the 
operational speed, due to the effect that this 
will have on the timetable, signalling system, 
etc. Therefore the specific effect that chang-
ing the cant had on the rail forces at a train 

Table 4 Force balancing (four‑car trains) – down direction Site 1
Fo

ur
-c

ar
 tr

ai
n

Site 1: Down Before tamping After tamping Δ x  
(km/h)

Δ x  
(%)

Δ y  
(t)

Δ y  
(%)Forces Rail x (km/h) y (t) x (km/h) y (t)

Verticals
high leg

56.45 85.96 78.07 89.27 21.62 38.29 3.31 3.85
low leg

Laterals
high leg

85.82 16.77 84.63 7.43 –1.20 –1.39 –9.34 –55.71
low leg

Table 5 Percentage change in forces after tamping (wheels)

Site Leg
% Change in forces at 85 km/h after tamping (wheels)

Max verticals Min verticals Max laterals Min laterals

Site 1 Down
high leg 0.0 –6.6 –47.5 124.9

low leg 28.9 23.8 –36.3 –1.4

Site 1 Up
high leg –8.8 –13.9 25.4 612.2

low leg 9.0 2.5 –18.7 0.0

Site 2 Down
high leg –2.3 9.2 –112.6 48.6

low leg 9.4 6.0 –57.6 63.7

Site 2 Up
high leg 11.3 5.2 –112.5 581.1

low leg 6.1 –0.5 –46.6 40.9

High leg average 0.0 –1.5 –61.8 341.7

Low leg average 13.4 7.9 –39.8 25.8

Overall average 6.7 3.2 –50.8 183.7

Table 6 Percentage change in vertical forces after tamping – summary

% Change in vertical forces at 85 km/h after tamping (overall average)

WHEELS

Max verticals Min verticals

6.7 3.2

LEADING BOGIES

DMOS B PTOS MOS DMOS A

–1.1 –5.0 –3.3 –4.6

TRAILING BOGIES

DMOS B PTOS MOS DMOS A

–0.9 –2.5 –2.1 –3.6

CARS

DMOS B PTOS MOS DMOS A

2.6 –0.1 0.4 0.8

FOUR-CAR TRAIN

Vertical

1.0
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speed of 85 km/h was assessed in detail, and 
the percentage change in vertical and lateral 
forces after tamping at wheel level are shown 
in Table 5, and at wheel, bogie, car and four-
car train level in Tables 6 and 7 respectively.

In Tables 6 and 7 the highlighted values 
indicate the largest changes at each level of 
assessment. The summarised information 
presented in Tables 6 and 7 shows good con-
sistency between the changes in vertical and 
lateral forces at the various levels of assess-
ment (wheel, bogie, car and four-car train). 
Although the changes in vertical and lateral 
forces after tamping were not empirically 
predictable, the relatively small range of the 
after-tamping vertical force changes (–5.0% 
to 6.7%) and the relatively small range of the 
after-tamping lateral force changes (–61.0% 
to –50.8%) indicates that the data at the vari-
ous levels of assessment is reliable.

vertical forces
The reduction of cant had a minimal effect 
on the magnitude of the vertical forces, but 
did result in a transfer of loading between 
the high and low legs.

With reference to Table 5 there was a 
6.7% increase in the maximum vertical wheel 
forces after the cant had been reduced, a 5% 
reduction in the maximum vertical leading 
bogie forces, a 3.6% reduction in the maxi-
mum vertical trailing bogie forces, a 2.6% 
increase in the maximum vertical car forces 
and a 1.0% increase in the maximum vertical 
four-car train forces.

The minimum vertical forces are of less 
interest, as only positive vertical forces are 
measured (see Figure 6), therefore the various 
minimum vertical forces that were assessed in 
detail throughout the research are covered by 
default when interpreting the maximum verti-
cal forces experienced by the rail.

lateral forces
The most significant finding when compar-
ing the before- and after-tamping results 
was that, while the theory indicates that the 
reduction of the cant in this specific test 
curve, given all the other curve characteris-
tics, should have resulted in an increase in 
the lateral forces, there was in fact a roughly 
50% reduction in the lateral forces.

With reference to Table 7 there was a 
50.8% reduction in the maximum lateral 
wheel forces after the cant had been reduced, 
a 53.5% reduction in the maximum lateral 
leading bogie forces, a 61.0% reduction in 
the maximum lateral trailing bogie forces, a 
51.8% reduction in the maximum lateral car 
forces and a 49.4% reduction in the maxi-
mum lateral four-car train forces.

For the lateral forces data, the maxima 
and minima were of much more interest 

than for the vertical forces data, as negative 
lateral forces made up a significant propor-
tion of the data collected, due to the fact 
that the sign of the force indicates in which 
direction the lateral force was acting on the 
rail (see Figure 6). Assessing the minimums 
therefore covered all of the forces to the 
inside of the rail.

cant and train dynamics
In terms of the applied cant it was shown by 
Elkins and Eickhoff (1982) that an increase 
in cant deficiency makes both wheelsets run 
further out in a curve, to reduce the angle 
of attack of the leading wheelset and bring 
about a small negative angle of attack of the 
trailing wheelset. Expressed from a different 
perspective, Fröhling (2012) explains that 
cant excess reduces the curving performance 
of rolling stock, due to the inner wheel run-
ning on a larger radius than the outer wheel 
in a curve with cant excess.

Grassie and Elkins (2005) also mention 
how cant deficiency has a favourable effect 
on curving performance, due to the fact that 
cant deficiency brings about a change in dis-
tribution of tangential force between wheels, 
so that there is a more even distribution of 
creep forces and for all but the highest levels 
of tractive effort, traction on the high-rail 
wheels is lower than that on the low-rail 
wheels. As a result of the more even distribu-
tion of tangential force, the traction ratios 
overall are lower than for curving at balance 
speed. Grassie (2012) went on further to state 
that rail maintenance would be reduced if 
mixed traffic lines were canted for lower-
speed freight traffic than for higher-speed 

passenger traffic. The converse is common, if 
not universal, practice.

cant and derailment ratio analysis
To estimate vehicle safety one can analyse the 
possibility of derailment. Various formulae 
exist as a guide for the derailment process, 
which gives the ratio between lateral and verti-
cal forces for a particular wheel/rail combina-
tion. This ratio, usually called the “derailment 
ratio”, is calculated by dividing the lateral 
forces by the vertical forces at the flange con-
tact. The derailment ratio is used as a measure 
of the running safety of railway vehicles 
(Esveld 2004). According to UIC leaflet 518, a 
maximum derailment ratio value of 0.8 over 
2 m is considered to be safe (UIC 2005).

Using the measured vertical and lateral 
wheel forces data as presented in Table 3, a 
derailment ratio (DR) analysis was under-
taken to assess the running safety of the test 
trains through the experimental curve before 
and after tamping. The derailment ratio was 
calculated by dividing the maximum mea-
sured lateral forces by the maximum mea-
sured vertical forces for each wheel at each 
test train run speed. Using the maximum 
lateral and vertical forces for each wheel may 
not strictly give the worst-case scenario in 
terms of a derailment ratio, but does provide 
a good indication of what effect tamping had 
on the derailment ratio.

Table 8 indicates the maximum derail-
ment ratio values for each site in both direc-
tions. As a derailment ratio of less than or 
equal to 0.8 over 2 m is considered to be safe, 
all the calculated derailment ratios in this 
case are considered to be safe.

Table 7 Percentage change in lateral forces after tamping – summary

% Change in lateral forces at 85 km/h after tamping (overall average)

WHEELS

Max laterals Min laterals

–50.8 183.7

LEADING BOGIES

DMOS B PTOS MOS DMOS A

–53.5 –38.2 –52.4 –43.3

TRAILING BOGIES

DMOS B PTOS MOS DMOS A

–34.6 –48.4 –61.0 –45.9

CARS

DMOS B PTOS MOS DMOS A

–50.5 –46.6 –51.8 –44.0

FOUR-CAR TRAIN

Lateral

–49.4
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coNcluSIoNS
The body of theoretical first principles 
knowledge with regard to the negotiation of a 
curve by a train is extensive, comprehensive 
and technically sound from a physics point 
of view. Accurately reproducing and/or 
measuring the expected data from a train 
negotiating a curve is, however, difficult to 
achieve. Furthermore, it is difficult to simul-
taneously assess vertical and lateral forces. 
As presented in this article, vertical and 
lateral forces need to be analysed separately, 
with separate balancing forces and balancing 
speeds being calculated for each one. This 
implies that an overarching equilibrium 
speed would be very difficult to achieve in 
practice, as a multitude of factors lead to 
variations in the vertical and lateral forces 
experienced by the rail.

The reduction of cant did result in a 
significant reduction in the lateral forces 
experienced by the curve, while having a 
negligible effect on the vertical forces. This 
outcome was counterintuitive to what was 
theoretically expected from a track perspec-
tive, but could be explained from a train 
dynamics point of view.

The cant of the curve before tamping was 
107.1 mm, and this was reduced to 92.0 mm 
after tamping, which equates to a 14% reduc-
tion in cant. Assessing the percentage change 
in forces at wheel level at the operation speed 
of 85 km/h (see Table 5) revealed the follow-
ing results for this 14% reduction in cant:

 ■ There was a zero net effect on the aver-
age maximum vertical high-leg forces, 
with a corresponding 13.4% increase in 
the maximum vertical low-leg forces. 
The average maximum vertical forces 
increased by 6.7%.

 ■ As discussed previously, the minimum 
vertical forces are of less interest, as only 
positive vertical forces are measured (see 
Figure 6).

 ■ An average reduction of 50.8% in maxi-
mum lateral forces was measured, with a 
61.8% reduction in the maximum lateral 
high-leg forces and an average 39.8% 
reduction in the maximum lateral low-leg 
forces.

 ■ There are some large percentage changes 
in the minimum lateral forces (a 612.2% 

increase at Site 1 in the up direction on 
the high leg and a 581.1% increase at 
Site 2 in the up direction on the high leg). 
Assessing the absolute values of these 
changes, however, reveals that all the 
minimum lateral forces are between –1 t 
and 1 t, therefore the forces themselves 
are small, but the percentage changes 
relative to the small force are large.

From the above results it is significant to take 
note of the 50.8% reduction in maximum 
lateral wheel forces that occurred as a result of 
the 14% reduction in cant, as well as the 53.5% 
reduction in the maximum lateral leading 
bogie forces, the 61.0% reduction in the maxi-
mum lateral trailing bogie forces, the 51.8% 
reduction in the maximum lateral car forces 
and the 49.4% reduction in the maximum 
lateral four-car train force (see Table 7).

The wear of rail and wheels is strongly 
linked to the magnitude of forces that they 
experience. Although other factors also need 
to be taken into account, it is not unreason-
able to presume that a 50% reduction in 
maximum lateral forces could lead to a halv-
ing of the wear rate of the rail and wheels in 
this curve.

Assessing vehicle safety by analysing the 
before- and after-tamping derailment ratio 
(see Table 7) revealed that tamping reduced 
the maximum derailment ratio at both sites 
and in both directions of travel, indicating 
that, from a running safety point of view, 
reducing the cant of the experimental curve 
made the running of trains through this 
curve safer. The speed at which the maximum 
derailment ratios were measured also all 
reduced after tamping, meaning that for this 
curve’s normal operating speed of 85 km/h 
there has been an increase in safety due the 
risk of derailment having been reduced.
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results could be presented in this paper, with 
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changing the cant had on the track forces in 
the experimental railway curve in question. 
The detailed data and results analyses form 
part of a Masters in Engineering dissertation 
titled “An investigation into the relationship 
between vertical and lateral forces, speed and 
superelevation in railway curves”, submitted 
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2016 by the first author, AF Powell, under the 
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Table 8 Maximum derailment ratio values for each site in both directions

Site
Before tamping After tamping % Change after tamping

DR Speed (km/h) DR Speed (km/h) DR Speed

S1 Down 0.66 79.17 0.52 30.50 –21.4 –61.5

S1 Up 0.59 106.32 0.55 69.90 –7.5 –34.3

S2 Down 0.62 79.08 0.51 20.87 –16.9 –73.6

S2 Up 0.56 89.23 0.53 20.39 –5.9 –77.2
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INtroductIoN ANd bAcKGrouNd
In the construction of multi-storey buildings, 
the reinforced concrete (RC) core or shear 

walls normally precede the construction of 
the RC floors, the former being cast using 
slip or jump formwork. These systems 

Alternative wall-to-slab 
connection systems in 
reinforced concrete structures
J D Gerber, G P A G van Zijl

In many reinforced concrete structures the walls precede the construction of the connecting floors. 
A system is, therefore, required to connect the floors to the already cast walls. There are many 
different floor-to-wall connection systems available in South Africa, but their behaviour and capacity 
are not always fully understood, especially when the moment capacity of the joint is to be utilised. 
This study focuses on four systems: continuous starter-bars, pre-bent site-installed starter-bars, pre-
assembled starter-bars and cast-in anchors with mechanical couplers. The design procedure for the 
continuous starter-bar system is well understood and documented in design codes, but not enough 
information is available on the design procedure for the other systems. Certain practical aspects of 
the installation process are also not fully understood. Cold-bending and straightening of the starter-
bars are inevitable in both bend-out systems. Previous research shows that this cold-working of the 
reinforcement can reduce the yield stress and E-modulus of the steel. In order to investigate these 
findings, a series of tensile tests are conducted. The results indicate that a significant reduction can 
be expected in both the yield stress and modulus of elasticity of the steel. Low-cycle fatigue tests 
further suggest that cold-bent steel also has a reduced ductility. The tensile tests are followed by the 
construction and testing of the systems in full-scale wall-to-slab connections. The effect of the cold-
bending on the starter-bars is clearly visible, as both the responses of the bend-out systems are less 
satisfying than the results from the continuous starter-bar system. The experimental phase is followed 
by numerical analysis of the connection systems. The finite element analyses show that the structural 
performance is significantly more sensitive to a reduction in the yield stress of the starter-bars, than 
to the use of a lower concrete grade. It is concluded that all the alternative connection systems can be 
implemented successfully in a moment-fixed wall-to-slab connection, but that the site-installed bend-
out system is the preferred method. However, in order to ensure that the system performs on the 
same level as conventional systems, it is recommended that the design should be conducted with a 
set of modified steel properties to allow for the negative effect of the cold-working on the starter-bars.

Figure 1  Continuous starter‑bar system (reworked from Ancon Building Products 2011)

Starter-bars projecting past 
the face of the wall

Floor rebar lapping 
with starter-bars

Wall rebar

Shear key cast 
inside the wall

Starter-bars 
fixed to 
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RC wall

Lap length
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are designed to increase the construction 
speed and efficiency, while minimising the 
cost of labour and material (Rupasinghe & 
Nolan 2007). The sliding nature of these 
systems requires that no elements may 
be protruding from the wall while under 
construction. This requirement prohibits the 
use of the conventional system where starter-
bars are cast directly into the wall and fixed 
through the formwork, as seen in Figure 1. 
The result of this limitation is that alterna-
tive methods are used to ensure rebar con-
tinuity between the floor and wall, without 
compromising the operation of the sliding 
formwork. Alternative systems are also used 
in cantilever balconies or walkways, or any 
structure where the wall is cast ahead of the 
connecting floor.

Currently, the most commonly used 
method in South Africa to ensure this con-
tinuity is a rebar bend-out system. Rebar is 
pre-bent and fixed to the wall reinforcement, 
and only straightened after the formwork is 
removed. The shape of the pre-bent bars is 
shown in Figure 2. This system is relatively 
simple to install and can be assembled on site 
using regular rebar ordered from a bending 
yard. Although this system does not require 
highly skilled workers, the installation process 
can still be tedious and time-consuming. Each 
starter-bar has to be securely placed at the 
correct position in the wall in order to line up 
with the connecting floor, while individual 
holes need to be drilled in the formwork at the 
position of each starter-bar leg.

In order to make the installation process 
of the bent-out bars easier and faster, a 
modified approach is adopted in which the 
pre-bent rebar is placed inside a steel casing, 
as illustrated in Figure 3. This modification 
improves the ease and speed of installation, 
but in turn makes the system more expen-
sive. Another drawback is that only a few 
companies locally manufacture this system, 
and it is therefore not readily available 
throughout South Africa.

In the case of the bend-out systems, plas-
tic deformation of the steel is unavoidable 
during the cold-bending and straightening 
of the rebar. Furthermore, the mechani-
cal properties of rebar are more prone to 
changes during cold-bending. This change 
in mechanical properties has been observed 
to cause a reduction in the tensile yield 
strength, modulus of elasticity and even 
the ultimate strength of the steel (Chun & 
Ha 2014). Currently there is not enough 
information available for engineers to 
accurately take this effect into account when 
designing a connection.

Considering the modified bend-out 
system with the rebar encased in a steel box, 
further uncertainty arises as to what effect 

the steel casing has on the bond strength of 
the concrete connection, as it is permanently 
cast inside the structure.

The only reference in South African codes 
to bend-out bars is found in SABS 10144, 
where it is recommended that the size of 
the bend-out bars is limited to Y10 or R16, 
and that mechanical splices should be used 
if greater strength is required (SANS 2012). 
Rebar couplers connected to a cast-in steel 

anchor is one example of such a mechanical 
splice, as shown in Figure 4.

The failure mode for direct tensile 
anchors is based on a model with a breakout 
prism with an angle of approximately 35° 
as shown in Figure 5. This can roughly 
be translated to a cone shape with a base 
equal to three times the effective anchor 
embedment depth, i.e. 3 × heff  (Cairns 2010). 
This pull-out model is referred to as a cone 

Figure 3  Bend‑out starter‑bar unit (reworked from Ancon Building Products 2011)
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box is cast inside the wall

Steel lid

Dimpled steel casing

Shape code 99 starter-bar

Figure 2  Bend‑out bar shape: site‑installed (reworked from Ancon Building Products 2011)
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Figure 4  Cast‑in anchors, pre‑assembled in timber carriers (reworked from Ancon Building 
Products 2014)
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failure mechanism. The design procedures 
for anchors in direct tension are well esta-
blished and documented in several design 
codes, such as the New Zealand design 
codes (NZS 2006) and American Concrete 
Institute codes (ACI 2008).

These existing procedures, however, do 
not cover anchors within moment-resisting 
connections, such as wall-to-slab applica-
tions. A recent research investigation at 
Heriot Watt University tested moment con-
nections using cast-in anchors to determine 
the degree of enhancement in concrete 
pull-out capacity, and to establish a design 
method based on the results (Cairns 2010).

In moment connections, such as wall-
to-slab joints, the bottom portion of the 
slab will create a compression block in 
close proximity to the bearing surface of 
the anchor. The transmission of the force 
between the bearing face and the compres-
sion force, forming part of the moment 
couple in the slab, will tend to be taken by a 
direct compression strut rather than by shear 
or tension. This will decrease the break-out 
plane resisted by tension and will therefore 
create a modified cone shape, as illustrated 
in Figure 6. As concrete is stronger in com-
pression than tension, the cone pull-out 
resistance will be increased. The tests also 
indicated that the enhancement is greatly 
impacted by the ratio of the depth of anchor 
head embedment (heff ) to the effective depth 
of the anchor in the slab (d), the specific 
ratio being heff /d (Cairns 2010).

Epoxy-based adhesive dowels are also 
widely used in South Africa to anchor rebar in 
already cast concrete elements. However, due 

to the relatively high price of this system, its 
use is usually limited to projects where struc-
tural alterations or extensions necessitate the 
anchoring of rebar in existing concrete.

In the case of epoxy-based adhesive 
dowels, the performance and installation 
procedures are well researched and docu-
mented in the reference material provided by 
the manufacturers. The structural engineer 
has enough information to properly design 
a connection and prescribe the necessary 
installation procedures to ultimately have 
enough confidence that the connection 
will perform adequately. With most of the 
other advanced methods this information is 
not available.

From the above it is evident that there 
are a number of different systems available 
in reinforced concrete wall-to-slab connec-
tions. The challenge for the design engineer 
remains to choose the most suitable system 
for the specific application at hand. In 
order to make an informed decision, more 
information is needed to understand how 
these systems perform structurally and 
what the aspects to consider are when 
designing them.

The focus of this research is to investigate 
how different types of connection systems 
compare to the conventional system. The 
research investigation includes the com-
parison between four different wall-to-slab 
connection systems, namely:

 ■ Continuous starter-bar (Model A)
 ■ Site-installed bend-out bar (Model B)
 ■ Pre-assembled bend-out bar (Model C)
 ■ Cast-in anchor (Model D)

The investigation includes a study of each 
individual system in order to gain an under-
standing of the critical aspects and para-
meters that will affect their structural per-
formance. Preliminary tests are conducted to 
quantify these aspects, followed by full-scale 
testing and finite element modelling (FEM) 
to confirm any local phenomena observed 
with the preliminary tests.

A comparison is drawn between the prac-
tical aspects of the systems, including ease 
and time of installation, cost, quality control 
and availability of products.

The main objective of this study is to pro-
vide the engineer with recommendations on 
how to choose the most appropriate system 
for a wall-to-slab moment connection and 
conduct the design to be as cost-effective as 
possible, without compromising the margin 
of safety as defined in typical design codes.

Secondly, construction guidelines are 
to be provided for safe application of these 
systems on site, in order to comply with the 
designed connection.

eXPerIMeNtAl deSIGN

full-scale tests
In order to compare the different connection 
systems within the time constraint of this 
research, a best practice approach was adopt-
ed in the physical experimental phase. Four 
full-scale models of the different connec-
tion systems were built in the Stellenbosch 
University Structural Laboratory. The 
models represent a wall-to-slab moment 

Figure 5  Cone failure for cast‑in anchor in 
direct tension (reworked from Ancon 
Building Products 2014)
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Figure 6  Modified cone failure for cast‑in anchor in moment connections (reworked from Ancon 
Building Products 2014)
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connection found in a typical high rise 
office block.

The models were all identical, with a 
250 mm thick cantilever floor connected to 
a 300 mm thick wall. The systems were all 
designed to have the same moment and shear 
capacity, based on the actions associated 
with a typical office environment.

When designing RC structures, the 
ultimate limit state (ULS) design usu-
ally governs (Robberts & Marshall 2010). 
Therefore the design procedure for the 
conditions at ULS, and the principles as set 
out in SANS 10100-1:2000 (SANS 2000), 
were followed to design the connection 
between the wall and the slab in the full-
scale models. Detailed design calculations 
were performed for a typical office building 
to ensure relevance of the chosen specimen 
geometry and loading position. The loading 
position caused a realistic combination of 
internal shear and bending moment at the 
wall-to-slab connection. For the ULS the 
load was 49.5 kN and for the SLS service-
ability limit state (SLS) it was 40.5 kN. 
These values are based on a variable action 
of 3 kPa and additional permanent actions 
equal to 3.5 kPa to account for the weight 
of screed, ceiling, lighting and air-condi-
tioning equipment. For the ULS, the partial 
factor for the variable actions was taken as 
1.6, while 1.2 was used for the permanent 
actions, including the self-weight of the 
slab. The partial factors used for the SLS, 
were 1.1 for the permanent actions and 1.0 

for the variable actions. The procedure can 
be summarised through the following steps:

 ■ Step 1: Determine forces acting on the 
structure.

 ■ Step 2: Calculate possible load 
combinations.

 ■ Step 3: Analyse structure to determine 
design forces and moments at ULS.

 ■ Step 4: Design section for flexure.
 ■ Step 5: Design section for shear.
 ■ Step 6: Choose rebar configuration (size 

and spacing).
 ■ Step 7: Check anchorage and lap lengths.
 ■ Step 8: Detail connection reinforcement.

All the calculations for the models that 
contained the bend-out systems were based 
on the assumption that the rebar had already 
been straightened, and therefore reflected 
the conventional system. The only differ-
ence was in the detailing of the starter-bars. 
The design procedure for the cast-in anchor 
system followed the approach as set out in 
the CEB Design Guide and making use of the 
modified cone behaviour (CEB 1997).

The reinforcement configuration that 
satisfied the connection design for Models 
A, B and C comprised six Y12 starter-bars 
spaced at 150 mm centre-to-centre (c/c), 
with 25 mm cover. The cast-in anchor 
system installed in Model D had a similar 
arrangement, with six anchors also spaced at 
150 c/c. The anchors were supplied by Ancon 
Building Products. The continuation bars 
were also 12 mm in diameter, each with a 
threaded end, the thread being a size larger 

than the nominal bar diameter to ensure that 
the effective area is not compromised. The 
anchor length was 115 mm, with a 40 mm 
diameter head and an embedment depth of 
142 mm.

In order to simulate practice as closely as 
possible and to ensure continuity, a typical 
reinforcement configuration for all the wall 
sections was used. The vertical reinforce-
ment was Y12 bars spaced at 150 mm (c/c) 
on both sides of the wall. Similarly, the 
horizontal reinforcement was Y12 bars 
spaced at 200 mm c/c. This configuration 
complies with the detailing requirements of 
SANS 10100-1:2000 (SANS 2000) to mini-
mise cracking in the walls.

The concrete was ordered from a local 
pre-mix batching plant and was specified 
as 40 MPa (CEM II 51.5 A-L) concrete. A 
combination of 19 mm and 13 mm Hornfells 
stone was used as aggregate, and the sand 
component consisted of both dune sand and 
crusher dust. The concrete was delivered to 
the laboratory in two separate batches – the 
first batch was used to cast the walls for all 
four models, and seven days later the second 
batch was used for the cantilever floors.

The concrete compressive strength was 
determined by casting and curing 100 mm 
cubes from the concrete batches for the 
walls and the slabs. The cubes were stripped 
after one day and cured under the same 
conditions in the laboratory. On the day of 
the wall-to-slab connection tests, the cubes 
were tested in a Contest 1 MN materials 
testing machine. Extra cubes were prepared, 
and tested at the age of seven days to moni-
tor the strength development, to ensure a 
high likelihood that the required 40 MPa 
strength would be attained at the time of the 
actual wall-to-slab tests. A set of three cubes 
representing the walls and the slabs respec-
tively were tested on the day of the actual 
wall-to-slab tests, with an average compres-
sive strength of 40.5 MPa and coefficient of 
variation of 0.011 for the walls, and 40.8 MPa 
(CoV 0.009) for the slabs.

After 28 days the models were individu-
ally tested in a special steel frame designed 
to ensure that the desired boundary condi-
tions are met. An illustration of the applied 
loads, boundary conditions and a full-scale 
specimen, is presented in Figure 7, with the 
test configuration in Figure 8.

During the experimental testing a load 
cell was used to capture the applied load, 
while seven HBM linear variable differential 
transformers (LVDTs) were used to measure 
the structural response of the specimens. 
The LVDTs were located at specific points 
along the specimens in order to calculate 
the relative wall-to-slab displacement. An 
additional LVDT was located at the back 

Figure 7  Full‑scale specimen with boundary conditions and applied load
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of the specimens to record the horizontal 
movement of the A-frame at a height of 
525 mm.

A standard concrete crack width ruler was 
used to measure the width of all visible cracks 
at three different stages during the tests. An 
Aramis camera was also installed to con-
tinuously track the crack development in the 
vicinity of the wall-to-slab joint (GOM 2003).

The results were presented through load 
displacement curves and crack patterns 
observed at applied loads associated with the 
SLS, ULS and the load at failure.

Due to the size and complexity, one 
specimen of each wall slab connection type 
was tested. To address the inherent vari-
ability in reinforced concrete behaviour, best 
practice was followed in the manufacturing 

of specimens. Significant care was taken 
to avoid geometrical imperfection in the 
specimen dimensions and in the positioning 
of the steel reinforcing bars and the con-
nection systems. The fresh concrete showed 
no segregation, nor leakage from the form-
work. The low variability in concrete cube 
strengths reported above indicated good 
control. The actual stress-strain behaviour 
of the steel bars was carefully measured, as 
reported in subsequent sections of this paper. 
The authors postulate that, given the care 
in controlling the material and geo metry of 
the specimens, a reasonable reflection of the 
various connection systems is given by the 
results of the tests on a single specimen of 
each type. Variability in the supplied connec-
tion systems is not reflected in the results, 
and will be tested in a next phase.

Steel bars tensile tests
In order to understand the effect of cold-
bending and straightening on the material 
properties of reinforcement, a series of 
tensile tests were also conducted. The 
specimens included a set of Y10 and Y12 
deformed bars. These are typical diameters 
used in wall-to-slab connections, as larger 
diameters are not suitable for cold-bending 
on site. Half of each set was tested as straight 
bars, while the remaining bars were cold-
bent and straightened after two weeks before 
being tested.

All the tensile tests were performed 
with a Zwick Universal Testing Machine 
and complied with the specifications of 
SANS 6892-1:2010 (SANS 2010).

Both sets of Y12 and Y10 rebar were 
ordered from a local bending yard. The 
reinforcement was locally manufactured 
at Arcelor Mittal, under the registered 
trade name NOSTRAR, to comply with 
the specifications of SANS 920:2011 
(SANS 2011) for 450 MPa deformed 
reinforcement bars.

All the bars in a set were cut from the 
same batch of steel. Half of the bars in each 
set were bent to a 90° angle. The bars were 
bent with a standard bending table, and the 
bending radius complied with the values as 
prescribed in SANS 920:2011 (SANS 2011). 
The bent bars were all straightened after 
14 days, simulating the usual time lapse 
between the bending of the rebar and the 
straightening on site. The bars were placed 
in a table vice clamp and straightened using 
a pipe as lever arm. A constant force was 
applied in a single motion until the bar was 
reasonably straight. In some cases the bars 
were further clamped and straightened, 
within a tolerance of 3°, to ensure they are 
straight enough to fit between the cross 
heads of the testing machine.

Figure 8: Full‑scale test configuration
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It should be noted that, in order to 
apply the principle of best practice, the 
bars were not hammered or tampered 
with during the straightening process. It is 
acknowledged that, in practice, some ham-
mering may occur on site, but this was not 
simulated in this experimental investigation. 
The results are, therefore, a comparison 
between the material properties under best 
practice conditions.

A summary of the specimen sets are pre-
sented in Table 1, with the abbreviations that 
will be used hereafter.

Table 1  Abbreviations for tensile testing 
specimen sets

Preliminary tensile testing

Y10 straight bars (machined) Y10-S

Y10 bent and straightened bars Y10-B

Y12 straight bars (machined) Y12-S

Y12 bent bars Y12-B

Full-scale model rebars

Wall bars Y12-WR

Model A starter-bars (machined) Y12-FRA

Model B starter-bars Y12-FRB

Model C starter-bars Y12-FRC

Model D starter-bars (machined) Y12-FRD

During the tensile testing the applied tensile 
force was measured with the load cell of the 
testing machine, while the extension over the 
gauge length of the specimens was recorded 
by three LVDTs, as shown in Figure 9. By 
taking the average reading between the three 
LVDTs any eccentricity in the alignment of 
the specimen was taken care of. The record-
ing frequency was 10 Hz.

The methods as set out in SANS 68921:2010 
(SANS 2010) were used to determine the 
material properties of each specimen. The 
E-modulus (E) was determined by first plotting 
a trend line for the data in the linear portion of 
the stress-strain graph, and then using the gra-
dient of that line as the value for E (SANS 2010). 
The yield stress ( fy) was determined by one of 
two possible methods, based on the shape of 
the stress-strain curve. When the curve had 
a definite linear portion up to a certain point 
and then flattened, as seen in Figure 10, the 
yield stress ( fy) was taken as the stress value 
corresponding to that point on the graph. If, 
however, the stress-strain curve had no definite 
point at which it flattened and the gradient for 
the linear portion just gradually reduced to cre-
ate a curved graph, then the offset method was 
used as seen in Figure 11.

The ultimate stress ( fu) was recorded 
as the highest applied load during the test 
divided by the original cross-sectional area 
of the rebar.

eXPerIMeNtAl reSultS

full-scale test results
Figure 12 presents the crack patterns at 
Stage 1 of the tests (SLS). Photos captured 
by the Aramis camera are superimposed 
with rendered images indicating the strains 
measured on the specimens. From these ren-
dered images the crack patterns are clearly 
visible. The location of the major cracks in 
all four systems corresponds to the position 
and shape of the construction joint of the 
particular system used. All the specimens 
recorded one major crack of between 0.1 mm 
and 0.4 mm, with Model A recording the 
widest crack of 0.4 mm. This crack was 
observed on the rear side of the wall and is 
therefore not visible in Figure 12. Apart from 
this crack, all the other cracks fell within 
the general limit of 0.3 mm for structures 
exposed to a serviceability load (SANS 2000).

Once the tests went past Stage 2 (ultimate 
limit state) the crack development in the 
first three systems was similar, both in size 
and pattern, and was clearly indicative of a 
connection where the rebar was starting to 
yield. In contrast to this, the pattern that 
was observed in Model D strongly sug-
gested a cone pull-out failure. Looking at the 
photos in Figure 13, taken at the final stage 
of the tests, the cone-shaped crack pattern 
in Model D is clearly visible. Although the 

Figure 10:  Determination of yield stress – 
direct method
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Figure 12: Cracks at Stage 1 – wall joint
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initial yielding cracks are also present, the 
failure mechanism clearly shifted to a cone-
shaped pull-out failure after Stage 2.

Figure 14 presents a series of load dis-
placement curves for the four models. The 
displacement is measured at the tip of the 
cantilever floor for a specific applied load.

Up to a serviceability load of 40.5 kN the 
shapes of all the curves are similar. From this 
point onwards the curves for Models B and 

C are flatter compared to that of Model A. 
The shape of the graph for Model A sug-
gests a system that is ductile. Although the 
behaviour of Models B and C could also be 
classified as “ductile”, the structural perfor-
mance was not as desirable as in Model A – 
the point of ultimate resistance was lower, 
with deflection-softening occurring beyond 
this point. The graph for Model D climbs 
gradually to the maximum load of 75.86 kN, 

after which there is a sudden drop in the 
load. This drop in resistance is followed by a 
gradual softening response. Consequently it 
has a significantly lower ultimate resistance 
and the earliest onset of deflection softening 
of the four models. This behaviour is associ-
ated with a pull-out cone failure mechanism.

Table 2 presents a summary of the 
displacements and rotations recorded at the 
first two stages of the tests.

Table 2 Cantilever displacement result summary

Specimen 
number

Tip 
displacement 

(mm)

Mid 
displacement 

(mm)

Displacement at SLS (Stage 1)

A 2.5 1.6

B 3.2 1.6

C 4.6 2.4

D 3.6 2.3

Displacement at ULS (Stage 2)

A 3.8 2.2

B 4.8 2.4

C 6.0 3.1

D 4.5 2.8

The tip displacement for Model A, at Stage 1, 
was on average 33% lower than that of the 
other Models and 24% lower at Stage 2. 
Similarly, the displacement of the floor at the 
middle was 21% lower at Stage 1 and 20% at 
Stage 2.

Table 3 presents the ultimate capacities 
recorded for the models. The ultimate capa-
city of Model A was 5% larger than that of 
Model B, 12% larger than Model C and 29% 
larger than Model D.

Table 3 Ultimate capacity summary

Specimen number Applied load (kN)

A 98.12

B 93.56

C 87.86

D 75.86

Steel bar tensile test results
A stress-strain curve was developed for 
each specimen tested. The specimens were 
divided into two main sets – the straight 
bars (S-series) and bars that were bent and 
straightened afterwards (B-series). The 
stress-strain curves of the two sets of speci-
mens were noticeably different. To illustrate 
this, Figure 15 presents a typical stress-strain 
curve associated with a Y12 bar from the 
S-series and a Y12 bar from the B-series.

Figure 14: Cantilever tip displacement vs applied load
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Figure 13: Cracks at Stage 3 – wall joint
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Table 5 Yield stress results – summary (MPa)

Y10 Rebar Y12 Rebar

S-series B-series S-series B-series

Number of specimens 20 19 20 18

Average 550 460 555 447

Characteristic value 502 437 535 422

Standard deviation 29.4 14.1 12.2 14.8

Coefficient of variation 0.053 0.031 0.022 0.033

Table 4 Modulus of elasticity results – summary (GPa)

Y10 Rebar Y12 Rebar

S-series B-series S-series B-series

Number of specimens 20 19 20 18

Average 201 168 209 160

Standard deviation 7.9 16.0 4.8 16.8

Coefficient of variation 0.039 0.095 0.023 0.105

The stress-strain curve for the S-series 
demonstrates a linear-elastic behaviour up to 
a stress value of about 540 MPa, before flat-
tening out. After the yield plateau, the start 
of strain hardening is observed at around 
0.022 mm/mm strain. In contrast to this, the 
stress-strain curves for the Y12-B specimen 
present no clear yield plateau, and the start 
of strain hardening is not as clearly defined.

Furthermore, the gradient of the linear 
portion on the curve for the B-series is 
notably lower than that of the S-series. This 
demonstrates a decrease in the modulus of 
elasticity. The average E-modulus for the 
Y10-B series was 16.5% lower than that of 
the Y10-S series. For the Y12 equivalent, the 
reduction was even larger at 23.5%. A sum-
mary of the data is contained in Table 4.

Although this study was unable to quantify 
the amount of reduction in the ductility of 
cold-bent bars, the phenomenon was observed 
during the low-cycle fatigue tests, where 
some bars fractured after being cold-bent 
and straightened more than twice. Previous 
research showed that a reduction of up to 50% 
can be expected (Chun & Ha 2014). This could 
lead to bars failing the ductility requirements 
as set out in SANS 920:2011 (SANS 2011). 
The full-scale specimens did, however, behave 
in a ductile manner, and no fracture of any 
reinforcement was observed. It is subsequently 
concluded that further research is required to 
better understand and quantify the reduction 
in ductility of cold-bent rebar and the effect it 
has on the structural performance of slab-to-
wall connection systems.

The average yield strength ( fy) for the 
Y10-S bars was 550 MPa, which is well above 
the characteristic value of 450 MPa used in 
design codes. However, according to the Joint 
Committee on Structural Safety (JCSS 2001), 
the average strength of rebar is expected to 
be around 2 standard deviations above the 
characteristic value, i.e. for high-strength 
rebar the average tested strength should 
be in the range of 450 + 2 × 30 = 510 MPa. 
The average strength for the Y10-B bars 
dropped by more than 16% to 460 MPa 
and five specimens recorded a value lower 
than 450 MPa. Furthermore, according to 
SANS 920:2011 (SANS 2011), the charac-
teristic yield strength of reinforcement, 
determined through tensile testing, is the 
5th percentile of the data, i.e. the value below 
which not more than 5% of the results in the 
series fall. Subsequently, the characteristic 
yield strength for the Y10-B bars was only 
437 MPa. A similar observation for the Y12 
set of bars showed a drop in the average 
yield stress of 19.5%, to 447 MPa, already 
lower than the 450 MPa characteristic value. 
A summary of the results is presented in 
Table 5.

The average value for the ultimate stress 
( fu), between the S- and B-series, showed 
only a small reduction of 2% for the Y10 bars 
and 4% for the Y12 bars.

NuMerIcAl ANAlySIS
Numerical simulation of experimental 
results, combined with the correct material 
models, is a powerful tool to extend the 
range of variables used in the limited experi-
mental phase.

Finite element modelling (FEM) and 
numerical analysis were therefore con-
ducted to better understand the isolated 
effect and sensitivity of the structural 
performance to a range of reinforcement 
properties. The different reinforcement 
material models used in the FEM were 
all based on actual data captured in the 
preliminary tensile testing phase. The data 
used for simulating a connection system 
containing straight bars was taken from the 
Y12-S series of specimens, while the data 
from the Y12-B series was used in the mate-
rial models for the numerical analysis of the 
bend-out bar systems.

Model development
Research done by Deaton (2013) on non-
linear finite element analysis (FEA) provided 
essential information in the development of 
the FE models used in this investigation. The 
Diana software package (Diana 2014) was 
used, and a summary of the model details is 
presented in Table 6.

Figure 15: Stress‑strain curve of Y12‑S and Y12‑B reinforcement
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Table 6 Finite element model summary

Element types

Concrete CHX60, 20 node, solid 
brick element

Reinforcement Embedded reinforcement

Mesh configuration

Concrete 50 × 50 × 50 mm elements

Reinforcement Automated

Material models

Concrete

Total strain rotating crack 
model

Tensile behaviour – Hordijk

Compressive behaviour – 
Thorenfeldt

Reinforcement

Von Mises plasticity model

Tensile behaviour – user 
defined

Hardening hypothesis – 
work hardening

Boundary conditions

Wall toe Fixed against horizontal 
and vertical translation

Floor support Fixed against horizontal 
translation

Steel tie-back Fixed against vertical 
translation

Load conditions

Applied load Fixed against vertical 
translation

Control Displacement controlled

Increments 0.01 mm × 20 steps; 0.1 mm 
onwards

Analysis method

Method Non-linear analysis

Iteration process Newton – Raphson

Convergence 
criteria Energy – 0.001 tolerance

The material models for the concrete inter-
face, simulating the construction joint, were 
defined in a similar manner as the rest of 
the concrete, with the only adjustment in the 
tensile strength. This value was reduced sig-
nificantly to 1.00 × 10–5 MPa in all the mod-
els. This configuration enabled the concrete 
elements to still retain their full compressive 
strength, without any significant contribu-
tion to the tensile resistance of the elements 
in the interface zone.

All the reinforcing bars were modelled at 
the same location as in the physical specimen, 
and are shown in Figure 16(a). The concrete 
elements, Figure 16(b), were specified as the 
mother elements for the embedded reinforce-
ment. No specific mesh configuration was 
applied to the reinforcement, as the Diana 
package automatically runs the pre-processing 
of reinforcement locations (Diana 2014).

The experimental results for Model A 
were compared to the FEA by means of a 
load displacement curve and the formation 
of cracks at SLS and ULS. The measured 
cracks in the physical model were compared 
to the principal crack widths (ωcr), deter-
mined through the FEA and calculated by 
multiplying the principle crack strain (εcr) 
with the crack bandwidth (h), as shown in 
Equations 1 and 2.

ωcr  = h × εcr (1) 
(Schreppers et al 2011)

εcr  = ε1 – 
σ1
E

 = ε1 – ε1,e (2)
 

(Schreppers et al 2011)

Where
 ε1 = Total principle strain
 ε1,e = Elastic principle strain

 σ1 = Principle stress
 E = Young’s modulus

results
Figure 17 presents a comparison of the data 
captured during the experimental phase and 
the data from the numerical analysis.

The data from the FEA shows reason-
able agreement with the experimental 
load displacement response. The physical 
model was able to withstand a maximum 
applied load of 98.12 kN, while the numeri-
cal equivalent came within 11% of this 
value with an ultimate load of 87.24 kN. 
No attempt was made to improve the 
agreement between the computed and 
measured response, although this would 
be possible. The agreement is considered 
to be reasonable, justified by subsequent 
sensitivity studies. The displacement of the 
physical model at Stage 1 of the test (SLS) 

Figure 16: (a) Reinforcement elements (b) Concrete mesh
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Figure 17: Comparison of experimental data with FEA data of Model A
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was 2.5 mm, while the FEA recorded a tip 
displacement of 2.02 mm. At Stage 2 (ULS) 
of the tests the displacements were 3.8 mm 
and 2.72 mm respectively.

Figure 18 contains images comparing 
the crack development at the two stages 
of testing. The images on the right show 
the crack patterns and associated crack 
widths in the FE model, while the images 
on the left are the photos taken during the 
experimental test.

The general pattern of the experimen-
tal photos and the numerically rendered 
images are similar in both appearance and 
crack widths. At Stage 1, the largest crack 
measured on Model A was 0.4 mm, while 
the maximum crack width in the numerical 
equivalent was also 0.4 mm. At the second 
stage of the tests the cracks on the physical 
model were 0.6 mm in width, compared to 
the 0.52 mm in the FE model.

This overall good correlation between 
the numerical and physical responses serves 
as a validation of the FE model. It shows 
that the structural response of a wall-to-slab 
connection can be simulated with the Diana 
package with reasonable accuracy.

The sensitivity study was conducted for 
two parameters. The first is the sensitivity 
of the structural response to variation in the 
starter-bar steel properties, while keeping 

the concrete properties constant. Figure 19 
shows the responses of the first three mod-
els, i.e. the response of the relevant steel 
bars are given the measured stress-strain 

Figure 19: Results for finite element analyses ‑ 40 MPa models
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Figure 18: Comparison of experimental and numerical analysis of Model A
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properties of the virgin (unbent) Y12 bars, 
that of the B1 series, and thirdly, that of the 
B2 series. In this set the concrete grade was 
kept at 40 MPa, while the material properties 
for the starter-bars were changed.

The second parameter study is the con-
crete class. In this case the sensitivity of the 
structural response to the use of different 
concrete classes was studied, while the steel 
properties were kept constant. Figure 20 
displays the structural response of three 
models with the same steel properties, but 
with different grades of concrete.

From Figures 19 and 20 it is clear that the 
structural performance is significantly more 
sensitive to a change in the properties of the 
starter-bars, than a change in the concrete 
grade. It is important to note that only the 
properties of the starter-bars were varied 
and not the rest of the general reinforcement 
in the wall or the slab. This reflects the 
situation in reality where normally only the 
starter-bars are subjected to cold working.

coNStructAbIlIty
The installation procedure for the con-
tinuous starter-bar system is a tedious and 
time-consuming process. This system is also 
not compatible with jump or slip formwork, 
as the protruding bars will hinder the 
sliding nature of the system. Furthermore, 
the exposed bars are impractical on site 
and a safety hazard for workers moving in 
the vicinity.

The constructability of the site-installed 
bend-out system is also far from ideal – the 
pre-bent bars need to be fixed individually 
and great care should be taken to ensure that 
they are properly tied to prevent any shifting 

during concreting. The use of power tools to 
chip the concrete away and reveal the bent 
bars is not only labour-intensive, but there 
is a great risk of damaging the reinforce-
ment during the process. Once the bars 
are revealed a standard pipe can be used to 
straighten them.

Although the site-installed bend-out 
system has many drawbacks, it can produce 
a proper floor-to-wall joint under the correct 
supervision without the hassle of drilling 
holes in the formwork or exposing anyone 
to the hazards of protruding rebar on site. 
The bend-out bars can also be ordered from 
any bending yard, bringing the material cost 
of the system in line with the continuous 
starter-bar alternative, as seen in Table 7.

The pre-assembled bend-out system 
addresses two of the major shortcomings of 
the site-installed version – the pre-assembled 
starter-bars speed up the fixing process and, 
once the wall is cast, the steel lid is simply 
removed to reveal the bent reinforcement. 
Due to the speed with which the system can 
be installed, it is the preferred system to 
use with any form of jump or slip formwork 
construction. The only drawback is the price, 
as the material cost is nearly double that of 
the first two systems.

Another, even more elegant solution, is 
the use of cast-in anchors with couplers. 
This is particularly useful in walls where the 
concentration of reinforcement is already 
high, as the anchors take up little space. 
The installation process is simple, fast and 
effective. This product is not currently 
available in South Africa, and a realistic 
cost comparison is therefore not possible. 
However, in a market where all the systems 
are locally manufactured the material cost 

for this system is three times that of the pre-
assembled bend-out system, as presented in 
Table 7.

Table 7 presents a summary of the 
material costs for the respective systems, 
determined in August 2016. Both the local 
rates and the rates in the United Kingdom 
are included. The rates are all based on a 
connection between a 300 mm wall and 
a 250 mm floor, with Y12 rebar spaced at 
150 mm c/c and 25 mm cover.

Table 7 Combined material cost comparison

System
Rate 
(UK)
(£/m)

Rate 
(RSA)
(R/m)

Continuous starter-bar 11 130

Site-installed bend-out bar 11 130

Pre-assembled bend-out bar 27 245

Cast-in anchor 83 *

* System not locally available

coNcluSIoNS
The structural response of all the systems 
can be categorised as ductile, although the 
performance of the continuous starter-
bar system was the most desirable. This 
is expected, as the starter-bars in this 
system are not subjected to cold-bending 
and straightening.

Between the two bend-out bar systems, 
the site-installed version (Model B) per-
forms slightly better in both displacement 
and crack widths at an SLS and ULS. This 
enhancement could be the result of better 
aggregate interlock, as the concrete surface 
is roughened with the jack hammer when 
exposing the rebar. This is compared to the 
pre-assembled alternative (Model C), where 
the steel box is cast into the wall and pre-
vents any concrete contact across the joint. 
The structural performance of both systems 
is, however, inferior to that of the continuous 
starter-bar system (Model A), and larger 
displacements and crack widths can be 
expected when using a bend-out system.

The performance of the cast-in anchor 
system (Model D) is very similar to the site-
installed bend-out system at the SLS and 
ULS, but also does not perform on the same 
level as the continuous starter-bar system. 
Although the system did perform satisfacto-
rily at the SLS and ULS, larger displacements 
and cracks should also be expected when 
using this system.

The following conclusions are drawn:
 ■ If the use of jump or slip formwork is not a 

requirement, any of the alternative systems 
can be used. Although the structural 

Figure 20: Results for finite element analyses – S‑series models
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performance of the site-installed system 
is slightly superior and the material costs 
47% less, practical considerations and 
project-specific aspects might be of greater 
influence when choosing the most desir-
able system. It is therefore recommended 
that the suitability of a specific alternative 
system should be evaluated against all the 
aspects for any given project.

 ■ If one of the bend-out systems is chosen, 
the design should be conducted with a 
modified yield stress and E-modulus for 
the flexural reinforcement in the joint. The 
recommended value for the yield stress 
is 0.8* fy and 150 GPa for the E-modulus. 
The design engineer should also strive to 
keep the elongation of the reinforcement 
in the connection to a minimum.

 ■ The size of the reinforcement to be used 
in any bend-out system should be limited 
to a diameter of 12 mm.

 ■ When using site-installed bend-out 
systems, good site supervision and quality 
control are necessary to ensure that the 
starter-bars are fixed securely and at the 
correct level. It is recommended that the 
future floor level is clearly indicated on the 
horizontal wall reinforcement to help iden-
tify starter-bars that are fixed out of place.

 ■ Care should be taken when chipping 
away the concrete surrounding the pre-
bent rebar in the site-installed bend-out 
system. The pre-bent rebar should first 
be fully exposed, with at least 30 mm 
clear spacing behind the bend, before any 
form of straightening is considered. A 
steel pipe should be used to straighten the 
bars. The pipe should be placed over the 
reinforcement and continuously pushed 
inwards as far as possible, while straight-
ening the rebar in one smooth motion. If 
the bar is not entirely straight after the 
first attempt, not more than one further 
adjustment should be considered.

 ■ Once the starter-bars are straightened, the 
concrete at the joint should be properly 
scabbled to ensure aggregate interlock. All 
starter-bars should be checked to verify 

that they have not been damaged in any 
way during the straightening process.

 ■ Any reinforcement that has been 
cold-bent past 45° should be consid-
ered to have a reduced capacity and 
ductility, and the design of the specific 
element should be checked, using the 
modified yield stress and E-modulus as 
recommended above.

 ■ The use of cast-in anchors could be a 
feasible option in highly congested walls 
or when larger moment capacities are 
required. The enhancing effect of the 
modified cone behaviour can be adopted 
to produce more economical designs, but 
once again larger deflections and cracks 
should be expected and accounted for.

 ■ The manufacturer’s specifications and 
installation procedures should also be 
strictly followed when using the cast-in 
anchor system. A proper tightness check 
of all the continuation rebar should 
be conducted, before the fixing of the 
reinforcement for the floor commences. 
The tightness can be checked by using a 
standard hand wrench.

 ■ The thread at the end of the continuation 
reinforcement, supplied by the manu-
facturer, should be a size larger than the 
nominal diameter of the bar. Couplers 
with tapered threads should be avoided 
as they only obtain their tensile capacity 
when they are fully screwed in. The con-
stant diameter couplers, as used in this 
study, gradually build up their capacity 
with each turn of the continuation bar.
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INtroductIoN
Sewer networks form a vital part of public 
health in urban areas and constitute one of 
the most capital-intensive infrastructure 
investments (Wirhadikusumah et al 
2001). Consequently the ability to improve 
sewer network designs through the use of 
metaheuristic optimisation algorithms could 
potentially yield a significant reduction in 
capital expenditure. Simultaneous sewer 
network layout and hydraulic design 
optimisation using these algorithms has 
been investigated in recent times. However, 
the algorithms are computationally 
very expensive, since the optimisation 
procedure responsible for the hydraulic 
design has to be completed for a very 
large number of layout attempts. Lejano 
(2006) found that, due to the complexity of 
simultaneous optimisation algorithms, most 
research has been done on the hydraulic 
optimisation sub-problem, while the layout 
remains static. This paper focuses on the 
development of a computationally efficient 
heuristic optimisation algorithm by which, 
for a given layout, all constraints of the 
hydraulic design are systematically satisfied 
using slope information. The method is 
applied to two benchmark problems in 
the literature and shown to obtain near 
optimal hydraulic designs, while requiring 
very little computational effort. These 
characteristics make it ideal for combination 
with a metaheuristic algorithm for optimal 
layout creation.

oPtIMISAtIoN coNStrAINtS 
ANd ANAlySIS
Sewer networks comprise manholes con-
nected by sewer pipes and other compo-
nents, such as pumping stations and rising 
mains. The network is used to collect waste 
water from various facilities, such as houses, 
schools and industrial buildings, and convey 
it to a sewage processing plant where the 
waste water is purified. The design is to be 
optimised, in this paper, in terms of capital 
investment cost. The objective function 
for the optimisation of simultaneous sewer 
network layout and hydraulic design optimi-
sation is as per Equation 1 (Moeini & Afshar 
2012), while Figure 1 shows the definition of 
depth variables.

Minimise C = 
N
∑
i=0

LiKi(di, Ei
ave) + 

M
∑
j=0

Kj (hj) (1)

Where:
 C = cost function of sewer network
 Li = length of pipe i, i ∈ {1, … , N}
 Ki =  unit cost function of pipe i defined in 

terms of its diameter (di) and average 
cover depth (Ei

ave)
 Kj =  unit cost function of manhole j, defined 

in terms of its height (hj)
 N = number of pipes in the network
 M = number of manholes in the network

Sewer network design is subject to a multi-
tude of constraints of varying complexity, as 
described below.

Sewer network design: 
heuristic algorithm for 
hydraulic optimisation
N de Villiers, G C van Rooyen, M Middendorf

For a given sewer network layout and choice of pipe material, the total installed cost of the 
network is determined mainly by the pipe diameters and slopes. Hydraulic design optimisation 
is the task of determining suitable pipe diameters and slopes so as to minimise the installed cost 
of the network. This is a complex problem for which numerous solution approaches have been 
proposed. Recently the use of metaheuristic algorithms, like Ant Colony Optimisation (ACO) 
for example, has gained popularity, and they perform well for a given static layout. However, 
their computational complexity precludes their use in simultaneous layout and hydraulic 
optimisation, where a complete hydraulic optimisation has to be performed for each layout. 
This paper proposes a computationally efficient method for near optimal hydraulic design of 
a gravity sewer network. It makes use of required minimum slope information to heuristically 
determine optimal pipe sizes and slopes. The method is used to solve two benchmark problems 
and is shown to obtain good solutions while being computationally extremely efficient. 
Therefore it is ideally suited to be used in combination with a metaheuristic algorithm aimed at 
optimising the network layout.
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1. cover depth
Both minimum and maximum cover depth 
constraints are enforced. Minimum cover 
depths protect pipes from imposed loads, 
such as vehicle loads where sewer pipes pass 
under roads. The minimum cover depth 
also prevents cross-contamination between 
water distribution networks by ensuring that 
sewer pipes are placed below water mains. 
Furthermore, the minimum cover depth 
ensures an adequate drop for house connec-
tions. Similarly, the maximum cover depth 
prevents pipe failure under excessive soil and 
imposed loads. Maximum cover depth may 
also be enforced to avoid excessive excavation, 
specifically where soil conditions are adverse.

2. velocity
Both minimum and maximum velocity con-
straints are enforced at the peak design flow 
rate. The minimum velocity prevents the 
deposition of solid particles. The maximum 
flow velocity is enforced to prevent erosion 
of the pipe material.

3. Slope
A minimum slope is enforced on all pipes. 
This is to prevent inaccurate placement dur-
ing construction, or adverse slopes resulting 
from pipe settlement. The minimum slope 
requirement also ensures that, during full-
flow conditions, the minimum flow velocity 
is achieved.

4. required spare capacity
A percentage spare capacity is enforced at 
peak-flow conditions to ensure that pressur-
ised flow does not occur. The constraint has 
the additional benefit of providing a margin 
of safety if storm water ingress is experi-
enced during peak-flow times. Some inves-
tigators (Moeini & Afshar 2012; Haghighi & 

Bakhshipour 2015) use a maximum relative 
flow-depth constraint rather than percentage 
spare capacity. This is merely a different for-
mulation of the same constraint. Moeini and 
Afshar (2012) enforce a minimum relative 
flow depth. In this implementation no such 
constraint, or an equivalent, is enforced. 
This constraint is not common engineering 
practice; furthermore, near the sources of 
the network it becomes almost impossible to 
enforce this constraint, due to unavoidable 
low-flow rates.

SC = 
Qfull – Qpeak

Qfull
 (2)

Where:
 SC = spare capacity ratio
 Q full = full-flow rate (m3/s)
 Qpeak =  partially full-flow rate at peak 

 conditions (m3/s)

 This constraint results in partially full-flow 
conditions in all pipes; to solve for the 
hydraulic parameters, Manning’s equation is 
used to estimate velocities throughout this 
investigation.

5. commercially available diameters
Diameters may only be selected from a 
discrete set of commercially manufactured 
diameters.

6. Progressive pipe diameters
The diameter of a pipe may only be equal 
to or larger than any of the pipes directly 
preceding itself. This is to prevent pos-
sible blockage, damming of waste water 
and sudden increase in flow velocities in 
the network.

7. Progressive pipe depths
The outflow pipe of any manhole may not be 
placed above the deepest inflow pipe. This 
prevents permanent damming of waste water 
and solid deposition in the manhole.

Contributor Hydrograph Theory is used in 
this implementation for accumulated flow rate 
calculations, taking time delays into account. 
The contributing hydrograph at each node is 
routed down the network to the outfall man-
hole. Theoretically this downstream routing 
should be done using full hydrodynamic flow 
analysis. However, Stephenson and Hine 
(1982) have demonstrated that ordinary time-
lag routing is of sufficient accuracy for sewer 
network design purposes.

hydrAulIc oPtIMISAtIoN
Hydraulic optimisation of a sewer net-
work is one part of the two-part network 

optimisation problem, in which element 
sizes, installation depths and slopes are 
determined for a given layout. Due to the 
highly constrained nature of hydraulic 
optimisation and the complexity of simul-
taneous solution algorithms, this part has 
seen considerably more work than the layout 
optimisation problem. Mays and Wenzel 
(1976) applied dynamic programming (DP) 
to the design of gravity sewer networks with 
the assumption that the direction of flow is 
fixed, severely restricting the set of problems 
to which their concepts may be applied. 
Robinson and Labadie (1981) also applied DP 
to develop an optimisation procedure. Miles 
and Heaney (1988) developed a storm water 
drainage design method using a spreadsheet 
package which may be applied to static lay-
outs. More recently non-classic optimisation 
algorithms have been developed. Diogo and 
Graveto (2006) developed a comprehensive 
enumeration model and simulated annealing 
(SA) algorithm for the layout and component 
size optimisation of sewer networks. Afshar 
(2006; 2012) and Afshar et al (2011) have 
applied numerous non-classic optimisation 
techniques to the sewer network hydraulic 
design problem, namely an ant colony 
algorithm (ACO) (2006), cellular automata 
(CA) (2011), a rebirthing genetic algorithm 
(RGA) (2012), and more recently a hybrid 
genetic algorithm (GA) and general hybrid 
cellular automata (GHCA) were proposed 
for the efficient and effective optimal design 
of pumped sewer networks with fixed 
layouts (Rohani & Afshar 2015). The lack of 
computational efficiency of these algorithms 
restricts combining them with a non-classic 
optimisation algorithm for layout optimisa-
tion, due to the resulting computation times.

Some hydraulic optimisation algorithms 
have been developed and successfully com-
bined with layout optimisation algorithms, all 
with different advantages and disadvantages. 
Walters (1985) used DP for simultaneous 
layout and size optimisation, and his method 
could be used to drain a set of sources with 
fixed positions. Li and Matthew (1990) used 
discrete differential dynamic programming 
(DDDP), which utilised an iterative procedure 
to generate the layout, and then to size the 
sewers and pumps while keeping the layout 
fixed. DDDP has some significant drawbacks 
– it restricts the search space and reduces the 
probability of locating the global optimum. 
The DDDP stages must be manually divided 
for each individual problem and this reduces 
its practicality. Pan and Kao (2009) used a 
genetic algorithm (GA) combined with qua-
dratic programming (QP). In their approach 
a majority of the constraints were formulated 
in QP, while other parameters, such as layout 
and pipe diameters, were determined by the 

Figure 1 Definition of depths
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GA. Moeini and Afshar (2012) proposed an 
ant colony optimisation (ACO) algorithm, 
combined with a tree growing (TG) algorithm, 
which performs both the layout construction 
and selects diameters simultaneously. In their 
approach an assumption of sewer flow at 
maximum relative depth is made, allowing for 
the calculation of pipe slopes. Haghighi and 
Bakhshipour (2015) combined previous works, 
namely the loop-by-loop cutting algorithm 
(Haghighi 2013) and an adaptive genetic 
algorithm (Haghighi & Bakhshipour 2012), 
with a tabu search (TS) algorithm to create an 
effective hybrid algorithm for simultaneous 
layout and element size optimisation.

The approach followed by both Moeini 
and Afshar (2012), and Pan and Kao (2009) 
to use a single selection algorithm for both 
layout and element sizing has the advantage 
of computational efficiency while suffering 
from what will be termed here as fitness 
warping. With this approach a layout is con-
structed, and simultaneously element sizes 
(in this case diameter of pipes) are selected. 
In the initial iterations of an evolutionary 
optimisation algorithm the population often 
comprises entirely randomly selected solu-
tions. It is therefore unlikely that good solu-
tions have been found, or that the algorithm 
has started to converge around a good or 
optimal region in the search space for either 
sub-problem. If the algorithm produced 
a very good layout during, especially, but 
not limited to, its early iterations it is very 
unlikely that the accompanying diameters 
will also fall within a very good region of the 
search space. The result is that the overall 
fitness of the solution is poor, due to the 
poor diameter selection, despite the very 
good layout. Consequently, the algorithm is 

unable to recognise that a good layout has 
been found. To overcome this drawback, a 
hydraulic optimisation procedure is required 
which is well suited to be combined with 
an algorithm responsible only for layout 
construction. It must be able to compute all 
hydraulic design parameters. To this end 
a new heuristic optimisation algorithm is 
proposed, which uses a systematic iterative 
approach to select diameters while satisfy-
ing all hydraulic design constraints. The 
algorithm operates under the heuristic that 
increasing diameters, in order to reduce the 
required slope by a significant margin, leads 
to economic decisions. The algorithm relies 
entirely on this heuristic to obtain near-
optimal costs. The cost of the final design 
is only calculated once the entire design has 
been completed. The mathematical deriva-
tions, formulae and engineering concepts 
relevant during the heuristic procedure are 
described hereafter.

Referring to constraint 4 above (under 
Optimisation Constraints and Analysis), 
Manning’s equation for partially full-flow 
conditions is used. From Manning’s equation 
it is clear that flow rate, diameter and slope 
are interdependent variables. As described 
earlier, the accumulated flow rates are 
dependent on network layout. The diameter 
selections are limited to a set of commer-
cially available diameters, while the slope is a 
continuous variable with an upper and lower 
bound. Once flow rates and diameters are 
known, the required slope can be calculated 
directly to satisfy Manning’s equation, i.e. 
partially full flow that provides the required 
spare capacity of constraint 4. Substituting 
Manning’s equation into Equation 2, and 
after some manipulation, yields:

Ap
5/3 = 

(1 – SC)Af
5/3 Pp

2/3

Pf
2/3

 (3)

Where:
 Ap = partial-flow area (m2)
 SC = spare capacity ratio
 Af = full-flow area (m2)
 Pp = partially wetted perimeter (m)
 Pf = wetted perimeter at full flow (m)

Substituting this into Manning’s equation 
for partial-flow conditions, Qp, after some 
manipulation, yields:

Qp = 
1

n 

(1 – SC)Af
5/3

Pf
2/3

 S (4)

Where:
 Qp =  flow rate at partial-flow conditions 

(m3/s)
 S = slope of the pipe (m/m)
 n = Manning Roughness Coefficient

All other variables are as defined in Equation 3.
Equation 4 ensures that the conditions of 

constraint 4 are satisfied if used to calculate 
the slope, while additionally allowing for the 
calculation of slopes in terms of the full-flow 
area and wetted perimeter. Constraint 6 
(progressive pipe diameters) can be directly 
enforced during the diameter selection pro-
cess. This is done by selecting diameters in 
sequence, ensuring that all upstream pipes of 
the current pipe already have their diameters 
selected, and adjusting the lower-bound of 
the set of eligible diameters for the current 
pipe accordingly.

The lower-bounding slope of a pipe is 
influenced by a number of constraints, as 
indicated in Figure 2. All of the constraints 
have to be satisfied simultaneously, as 
described below.

Minimum required slope
This value is specified.

Minimum allowable cover depth
Cover depth requirements may enforce a 
steep slope on pipes in order to achieve the 
necessary depth at the downstream manhole, 
as shown in Figure 2.

Minimum velocity
The minimum velocity constraint, combined 
with Manning’s equation, yields:

vmin = 
1

n 

A2/3

P2/3
 S  (5)

As vmin is a known constant, the flow 
area, A, and wetted perimeter, P, can 
be determined if the flow depth can be 
determined. Then the required slope, S, to 

Figure 2 Minimum required slopes
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achieve the required minimum velocity, can 
be calculated.

The flow depth can be calculated using 
the hydraulic equation Q = vA. The flow rate 
is known if the calculation is carried out in 
a topological sort order, as described further 
on. The only unknown remaining is the 
partial-flow area, as v is substituted for vmin or 
vmax depending on the slope being calculated. 
Rewriting the hydraulic equation to allow 
solving with a line search algorithm yields:

(Q – vA)2 = 0 (6)

Equation 6 is obviously a minimum when 
Q = vA; in all other cases a value > 0 is 
obtained. It should also be noted that it is 
important to solve for the flow depth and 
not just the area, as in Equation 5 the wetted 
perimeter is also required. The flow area and 
wetted perimeter may be written in terms of 
the flow depth (also refer to Figure 3).

φ = cos–1 

æ

çè y – d
2

d
2

æ

çè (7)

A = d
2

8
(θ – sin (θ)) (8)
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2
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æ
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d
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æ

çè
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çè2π – 2cos–1

æ

çèy – d
2

d
2

æ

çè
æ

çè (10)

Substituting the expressions for the area 
in terms of the flow depth into Equation 6 
yields a highly implicit equation in terms 
of both the diameter and flow depth. 
Diameters are selected beforehand, so the 
flow depth can be solved for using a line 
search algorithm. In this implementation an 

interval-halving algorithm is used. Once the 
flow depth is known, it is used in Equation 5 
to solve for the minimum required slope 
to achieve the minimum allowed velocity. 
Increasing the slope increases the flow veloc-
ity. It should be noted that in all equations 
of this section vmin could be substituted 
for vmax, or any other known velocity, to 
obtain the required slope to achieve the 
specified velocity.

required spare capacity
The required spare capacity constraint also 
allows for the calculation of a minimum 
required slope. Increasing the slope above 
this minimum value does not violate the 
constraint. Using Equation 4 the required 
slope can be calculated in terms of the flow 
area and wetted perimeter. The only design 
parameter required to calculate these values 

is the diameter, which at this stage is known. 
Using Equations 2 and Manning’s equation, 
an expression for the required slope is found:

S = 
æçè QpnPf

2/3

(1 – SC)Af
5/3

æçè
2

 (11)

Where:
 S =  required slope to achieve minimum 

spare capacity (m/m)
 Qp =  flow rate at partial-flow conditions 

(m3/s)
 n =  Manning roughness coefficient
 Pf

2/3 =  wetter perimeter at full flow (m)
 SC  = spare capacity ratio
 Af

5/3 =  full-flow area (m2)

After accounting for all the lower-bounding 
slope constraints, the next step is to 
determine when increasing the diameter is 
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potentially beneficial, i.e. when an increment 
in diameter leads to a reduction in slope and 
consequently an expected reduction in cost. 
For the first two cases, namely minimum 
allowable slope and cover requirements, 
increasing the diameter obviously has no 
effect on the required slope. In the other 
cases, namely velocity and spare capacity, 
increasing the diameter may prove to be 
beneficial. This is tested by keeping the 
flow rate and Manning roughness constant, 
and varying the diameter while calculating 
required slopes. Using Q = 15 ℓ/s, n = 0.015, 
v = 0.75 m/s and SC = 0.3, the required slopes 
for various diameters are shown in Figure 4.

Figure 4 (p 51) shows that increasing 
the diameter affects the required slopes 
differently. The required slope to maintain 
a minimum spare capacity decreases, while 
the required slope to achieve a specified 
velocity increases. This increase in slope 
for velocity is counter to what is common 
in engineering practice. When Equation 5 
is used to calculate the required slope, the 
assumption of full-flow conditions is often 
made. If the assumption of full-flow condi-
tions is made, then increasing the diameter 
reduces the required slope to achieve the 
minimum velocity. Using the hydraulic equa-
tion Q = vA, if both the flow rate, Q, and the 
velocity, v, remain constant, then the flow 
area, A, also remains constant. When assum-
ing full-flow conditions under the same 
minimum velocity for a larger diameter, 
the flow area increases and consequently so 
does the flow rate. It is due to this increase 
in flow rate and flow area that the required 
slope decreases. In the case of Figure 4, the 
flow rate and velocity are kept constant, 
and consequently so is the flow area. When 
the diameter increases, the flow area is 
maintained by a decrease in flow depth. This 
increase in diameter leads to an increase in 
wetted perimeter, despite the reduction in 
flow depth. Referring again to Equation 5, 
rewriting in terms of the slope yields:

S = 
æçèvminnP2/3

A2/3

æçè
2

 (12)

All the variables in this equation remain 
constant during a diameter increment, 
apart from wetted perimeter, P, which 
increases. As P is directly proportional to 
the slope, S, this leads to an increase in the 
required slope.

This implies that increasing the diameter 
may be beneficial in two cases: (i) when spare 
capacity is the active lower-bound slope 
constraint, and (ii) when maximum velocity 
is the active upper-bound slope constraint. 
These possibilities should be evaluated 
before accepting any diameter increase as 

beneficial. Consequently the change in slope 
is evaluated by parameter γ:

γ = 
Si–1 – Si

Si–1
 (13)

Where:
 γ = slope change factor
 Si =  required slope for the current dia-

meter (m/m)
 Si–1 =  required slope for the previous dia-

meter (m/m)

If γ ≥ γb, where 0.0 ≤ γb ≤ 1.0, the increase 
in diameter is considered beneficial, i.e. the 
diameter increment leads to a sufficient 
enough reduction in slope that a reduction 
in capital expenditure can be expected. 
Otherwise the previous diameter is accepted 
if it resulted in a feasible design. If the cur-
rent diameter is the first eligible diameter, 
this evaluation step is simply skipped. 
γb, the beneficial slope change factor, is 
a predefined variable of the optimisation 
procedure, similar to the evaporation rate 
of ACO or the mutation rate of a GA, which 
must be calibrated for a specific problem. γb 
is best understood by evaluating the effects 
of its extreme values on the final solution. 
At γb = 0 any reduction in slope is always 
considered beneficial, i.e. the least buried 
depth solution is obtained. At γb = 1 the 
steepest feasible slope is used, as no reduc-
tion in slope is ever considered beneficial, 
i.e. the smallest diameter which results in a 
feasible slope is used for each pipe. In most 
cases this results in capacity being the active 
minimum slope constraint. This is similar 
to the assumption Moeini and Afshar (2012) 
make in their hydraulic analysis procedure, 
where the flow depth is assumed to always 
be the maximum allowable. However, their 
dia meter is not necessarily the smallest fea-
sible. Li and Matthew (1990) found in their 
work that a balance between minimum bur-
ied depth and other feasible slopes resulted 
in better results than either extreme. The 
optimisation procedure should be repeated 
for multiple values of γb to determine the 
best value. Figure 8 (p 56) shows a sensitiv-
ity analysis of the γb parameter for the two 
benchmark problems discussed further on 
(under Results).

In all cases when determining the 
required slopes from hydraulic parameters, 
the peak design flow rate is required. The 
accumulated flow rates, calculated with 
contributor hydrograph theory, are not 
only dependent on the network layout, but 
also the network elements, as time delay 
is considered. This problem is addressed 
by performing the hydraulic design of the 
network in the topological sort order of the 

layout graph, which can always be found, as 
only gravity sewer networks with no cycles 
are considered. Inflow hydrographs are 
defined at all manholes, thus the flow rate 
of the outgoing pipe of any manhole with no 
inflow pipes is immediately known. Starting 
the design from these manholes, the hydrau-
lic design and placement of the outgoing 
pipe can be completed using the equations 
described in this section. The hydrograph of 
this outgoing pipe can then be added to the 
hydrograph of the target manhole, with time 
delay included, since all the required hydrau-
lic parameters have been determined. This 
procedure is continued downstream until all 
network components have been designed. 
Determining the topological sort order can 
be combined with the design procedure. In 
the topological sorting algorithm, vertices 
with no incoming edges are placed first, 
thereafter vertices are only added once all 
their preceding vertices have been included 
in the ordering. In this case manholes may 
be added if they have no incoming pipes, or if 
the hydraulic design of all its incoming pipes 
has been completed. Manhole depths are 
set to the maximum excavation depth of all 
incoming pipes.

Some rare special cases may be 
encountered during the procedure, which 
compromise the feasibility of the design. The 
special cases, listed below, are dealt with as 
described:
i. The minimum allowable slope exceeds 

the maximum allowable velocity slope: 
The diameter must be increased to 
restore feasibility.

ii. The slope is dictated by minimum 
cover: The active slope constraint is 
cover, and is exceeding the maximum 
allowable velocity slope. Increasing the 
diameter would increase the maximum 
allowable velocity slope to restore feasibil-
ity. Alternatively, it is possible to increase 
the upstream depth of both the pipe and 
manhole to accommodate the required 
slope. This decision is again evaluated 
by γ. It is possible that this increased 
cover depth may exceed the maximum 
allowable cover depth, in which case 
increasing the diameter is the only option 
to restore feasibility.

Figure 5 shows a simplified flow chart of 
the pipe diameter selection procedure. 
This procedure is repeated for all pipes, as 
described above, in the topological sort order 
of the layout.

Where:
 D =  the eligible set of diameters, satisfy-

ing constraints 5 and 6, in ascending 
order

 di = the current diameter in D
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 di–1 = the previous diameter in D
 Sactive =  the active, or critical, minimum slope
 Scap =  required slope to achieve spare 

capacity
 Svmax =  required slope to achieve maximum 

velocity
 γ = slope change factor
 γb = beneficial slope change factor

Referring to Figure 5, the procedure starts 
by selecting the smallest eligible diameter 
in D, and is then incremented by one with 
each iteration. The minimum required 
slopes for cover, minimum and maximum 
velocity, and spare capacity are calculated as 
described in this section. The largest of all 
the minimum slopes, including minimum 
required, is selected as the active, or critical, 
minimum slope, Sactive. If di is not the small-
est diameter in D, then previous slope infor-
mation is available and γ is calculated using 
Equation 13. If it is the smallest diameter, the 
evaluation of γ is simply skipped at this itera-
tion. If γ ≥ γb the change in diameter is con-
sidered beneficial, i.e. the reduction in slope 
is expected to reduce the cost. If the change 
in diameter is considered beneficial, it may 
be possible that further increments are also 
beneficial. If the active slope is either the 
spare capacity, Scap, or maximum velocity, 

Svmax, another diameter increment is applied 
and the procedure restarted. If neither was 
the active slope, the current diameter is 
accepted. If no diameter increment was pos-
sible the current diameter is accepted and 
the maximum velocity slope prioritised over 
spare capacity. Where the diameter incre-
ment is not considered beneficial, γ < γb, the 
previous diameter is checked for feasibility. 

If the previous diameter resulted in a feasible 
slope, it is accepted as the diameter for the 
pipe. If it did not, the active slope constraints 
are checked to determine if a diameter incre-
ment may be beneficial.

Once a pipe has its diameter and slope 
calculated, using the procedure above, the 
upstream hydrograph of the pipe is routed 
downstream, with time-delay, and added to 
the cumulative flow rate in the downstream 
manhole. This procedure is continued down-
stream until all pipes have had their slope 
and diameter calculated. Once the entire 
design of the network is completed, the cost 
function, Equation 1, is used to determine 
the total cost of the design.

reSultS
Two benchmark problems are used to 
determine the effectiveness of the heuristic 
diameter selection algorithm. In both cases a 
maximum relative flow depth and static flow 
values are specified. In order to ensure the 
proposed heuristic procedure is accurately 
compared to the preceding algorithms, the 
relative flow depth of the result cannot 
exceed the specified value. The maximum 
relative flow-depth parameter is never direct-
ly incorporated. The spare capacity is set to 
a value which results in a maximum relative 
flow depth very close to, but still below, the 
specified maximum. The static flow rates 
are incorporated by simply disabling the 
downstream routing of flow rates during the 
optimisation of the benchmark problems to 
allow direct comparison of results.

The first example is a network originally 
designed by Mays and Wenzel (1976), which 
has since been solved by other investigators. 
The network, shown in Figure 6, has 21 man-
holes and 20 pipes. The unit cost functions 

Figure 6 Network layout of benchmark 1
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of Equation 1 proposed for this problem is 
(Meredith 1972):

Ki = 

ìïïíïïî

10.98d + 0.8E – 5.98
if d ≤ 3ft and E ≤ 10ft

5.94d + 1.166E + 0.504Ed – 9.64
if d ≤ 3ft and E > 10ft

30.0d + 4.9E – 105.9
if d > 3ft

Kj = 250 + h2
m (14)

Where:
 d = the diameter of pipe i ( ft)
 E = the average cover depth of pipe i ( ft)
 hm = the height of manhole m ( ft)

The pipe unit cost, Ki, is obtained in $/ ft and 
the manhole unit cost, Kj, in $. The Manning 
coefficient for all pipes is taken as 0.013. The 
maximum allowable relative flow depth, (y

d), 
is taken as 0.82. The minimum allowable 
cover depth, Emin, is taken as 2.4 m. The 
minimum velocity, vmin, and maximum 
velocity, vmax, is taken as 0.6 m/s and 3.6 m/s 
respectively. The minimum allowable slope 
is 0.001 (m/m). The set of commercially 
available pipes {D} = {304.8 mm (12 in), 
381 mm (15 in), 457.2 mm (18 in), 533.4 mm 
(21 in), 762 mm (30 in), 914.4 mm (36 in), 

Table 1 Data of benchmark problem 1

Pipe
Ground elevation (m)

Length  
(m)

Design 
discharge 

(m3/s)Upstream Downstream

1-0 136.55 135.64 186.54 2.6617

2-1 137.46 136.55 152.40 2.5201

3-2 138.65 137.46 121.92 2.4635

4-3 140.21 138.65 105.23 0.2548

5-4 141.43 140.21 91.44 0.1699

6-5 142.65 141.43 121.92 0.1132

7-3 141.73 138.65 172.21 2.0104

8-7 143.26 141.73 106.68 0.5663

9-8 144.78 143.26 106.68 0.4530

10-9 147.83 144.78 152.40 0.2548

11-7 143.26 141.73 152.40 1.2459

12-11 144.78 143.26 106.68 0.4530

13-12 147.83 144.78 137.16 0.3398

14-13 149.35 147.83 147.64 0.2265

15-11 146.30 143.26 167.68 0.6229

16-15 147.83 146.30 131.08 0.2275

17-16 149.35 147.83 121.92 0.1132

18-15 148.49 146.30 106.68 0.2548

19-18 150.88 148.49 121.92 0.1982

20-19 152.40 150.88 106.68 0.1132

Table 2 Results of benchmark problem 1

Model Cost (US$) Function Evaluations

Mays and Wenzel (1976) 265 775 –

Robinson and Labadie (1981) 275 218 –

Miles and Heaney (1988) 245 874 –

Afshar (2006) ACO 241 496 29 900

Afshar et al (2011) CA 253 483 50

Afshar (2012) RGA 241 896 100 000

Proposed Heuristic Method 246 795 –

Table 3 Heuristic solution of benchmark problem 1

Link Slope
(m/m)

Active 
constraint

Diameter
(mm)

Max 
velocity

(m/s)

Relative 
flow depth

(
y
d)

Cover depth (m)

Source Target

1-0 0.0043 Capacity 1219.2 2.6013 0.8188 2.5326 2.4231

2-1 0.0078 Capacity 1066.8 3.2168 0.8188 2.40 2.6850

3-2 0.0098 Cover 1066.8 3.5489 0.7251 2.4 2.4

4-3 0.0194 Capacity 381.0 2.5513 0.8184 2.4 2.8861

5-4 0.0107 Cover 381.0 1.8777 0.7402 2.6420 2.4

6-5 0.0126 Capacity 304.8 1.7710 0.8184 2.4 2.7182

7-3 0.0120 Max Vel 914.4 3.5914 0.7949 3.4133 2.4

8-7 0.0160 Capacity 533.4 2.8930 0.8184 2.4 2.5730

9-8 0.0142 Cover 533.4 2.6901 0.7051 2.4 2.4

10-9 0.0200 Cover 381.0 2.5857 0.8066 2.4 2.4

11-7 0.0115 Capacity 762.0 3.1188 0.8184 2.7016 2.9289

12-11 0.0142 Cover 533.4 2.6901 0.7051 2.4 2.4

13-12 0.0222 Cover 457.2 2.9854 0.6543 3.0723 2.4

14-13 0.0154 Capacity 381.0 2.2679 0.8184 2.4 3.1485

15-11 0.0193 Capacity 533.4 3.1822 0.8184 2.7316 2.9302

16-15 0.0154 Capacity 381.0 2.2679 0.8184 2.4 2.8840

17-16 0.0126 Capacity 304.8 1.7710 0.8184 2.4 2.4182

18-15 0.0205 Cover 381.0 2.6218 0.7949 2.4 2.4

19-18 0.0196 Cover 381.0 2.4822 0.6602 2.4 2.4

20-19 0.0142 Cover 304.8 1.8741 0.7715 2.4 2.4

Figure 7 Network layout of benchmark 2
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1 066.8 mm (42 in), 1 219.2 mm (48 in)}. 
Table 1 shows the necessary data for the 
benchmark problem.

Table 2 shows the results obtained by 
various methods for the problem. The 
proposed heuristic method is able to 
achieve a result similar to the metaheuristic 
optimisation methods, while requiring 
6 milliseconds of computation time using a 
personal computer with 3rd generation Intel 
Core i7-3630QM.

Table 3 shows the detailed solution 
obtained by the proposed heuristic method. 
Table 3 indicates the method’s ability to dif-
ferentiate between the benefit of minimum 
possible slopes and diameter increments. 
Note that for pipe 7-3 the special case where 
the cover slope exceeds the maximum 

allowable velocity slope is encountered. The 
cover depth of the pipe at the source end and 
the depth of its source manhole are increased 
to achieve the required slope.

The second problem, shown in Figure 7, 
is part of the “Kerman” network in Iran 
(Afshar et al 2011). For this example the 
unit cost functions given in Equation 15 
(Afshar et al 2011) are used in conjunction 
with Equation 1 for cost calculations.

Ki = 1.93e3.43di + 0.812Ei
1.53 + 0.437diEi

1.47

Kj = 41.46hj (15)

Where:
 di = the diameter of pipe i (m)
 Ei = the average cover depth of pipe i (m)
 hj = the height of manhole j (m)

The Manning coefficient for all pipes is con-
sidered as 0.013. The maximum allowable 
relative flow depth, (y

d), is considered as 0.82. 
The minimum allowable cover depth, Emin, is 
considered as 2.45 m. The minimum velocity, 
vmin, and maximum velocity, vmax, are con-
sidered as 0.3 m/s and 3.0 m/s respectively. 
The minimum allowable slope is 0.001 (m/m). 
The set of commercially available pipes, 
{D} = {150 mm, 200 mm, 250 mm, 300 mm, 
400 mm, 500 mm, 600 mm, 700 mm}.

The necessary data for the definition of 
benchmark problem 2 is shown in Table 4. 
The problem is solved using the proposed 
heuristic method. Table 5 shows the results 
obtained by various methods while solving 
the problem. All values shown in Table 5, 
except for the newly proposed heuristic 
method, were presented by Afshar et al (2011).

Table 5 shows the algorithm’s ability to 
obtain a near-optimal solution while also 
only requiring 6 milliseconds of computation 
time. Table 6 shows the detailed solution 
produced by the heuristic method for bench-
mark problem 2.

Figure 8 shows a sensitivity analysis of 
the γb parameter for both problems. From 
this figure it is clear that the value of γb is 
not very sensitive to small changes around 
the optimum. However, some improvement 

Table 4 Data of benchmark problem 2

Pipe
Ground elevation (m)

Length  
(m)

Design 
discharge 

(m3/s)Upstream Downstream

1-0 65.42 64.50 320 0.1473

2-1 65.82 65.42 340 0.1047

3-2 66.22 65.82 350 0.1012

4-3 67.28 66.22 470 0.0967

5-4 68.24 67.28 400 0.0387

6-5 69.85 68.24 450 0.0366

7-6 71.19 69.85 300 0.0340

8-7 72.10 71.19 260 0.0324

9-8 73.66 72.10 460 0.0304

10-9 74.59 73.66 260 0.0279

11-1 66.10 65.42 590 0.0446

12-11 66.80 66.10 400 0.0403

13-12 68.60 66.80 500 0.0319

14-13 70.10 68.60 400 0.0300

15-14 71.50 70.10 400 0.0264

16-15 73.00 71.50 400 0.0211

17-4 68.40 67.28 440 0.0596

18-17 69.30 68.40 310 0.0580

19-18 69.90 69.30 260 0.0562

20-19 70.70 69.90 300 0.0549

Table 5 Results of benchmark problem 2

Model Cost (US$) Function Evaluations

Mansuri, Khanjani 83 116 –

BFGS 82 732 –

Fletcher-Reeves 81 553 –

GA 77 736 100 000

Cellular Automata 80 879 20

Proposed Heuristic Method 78 779 –

Table 6 Heuristic solution of benchmark problem 2

Link Slope
(m/m)

Active 
constraint

Diameter
(mm)

Max 
velocity

(m/s)

Relative 
flow depth

(
y
d)

Cover depth (m)

Source Target

1-0 0.0029 Cover 500 1.1286 0.6309 2.45 2.45

2-1 0.0012 Cover 500 0.7344 0.6816 2.45 2.45

3-2 0.0011 Cover 500 0.7214 0.6719 2.45 2.45

4-3 0.0023 Cover 400 0.8985 0.7988 2.45 2.45

5-4 0.0023 Cover 300 0.7354 0.6973 2.4932 2.45

6-5 0.0038 Capacity 250 0.8530 0.8164 2.45 2.5432

7-6 0.0045 Cover 250 0.9109 0.7109 2.45 2.45

8-7 0.0035 Cover 250 0.8161 0.7539 2.45 2.45

9-8 0.0034 Cover 250 0.7957 0.7266 2.45 2.45

10-9 0.0036 Cover 250 0.8008 0.6680 2.45 2.45

11-1 0.0012 Cover 400 0.5949 0.5762 2.45 2.45

12-11 0.0018 Cover 300 0.6537 0.8145 2.45 2.45

13-12 0.0036 Cover 250 0.8211 0.7383 2.45 2.45

14-13 0.0038 Cover 250 0.8286 0.6914 2.45 2.45

15-14 0.0032 Cover 250 0.7628 0.6641 2.5541 2.45

16-15 0.0041 Capacity 200 0.7684 0.8164 2.45 2.6041

17-4 0.0025 Cover 400 0.8628 0.5391 2.45 2.45

18-17 0.0029 Cover 400 0.9277 0.4980 2.8274 2.45

19-18 0.0034 Capacity 300 0.9076 0.8184 2.6162 2.9274

20-19 0.0032 Capacity 300 0.8866 0.8184 2.45 2.6162
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in the final cost is gained from repeating the 
algorithm for multiple values of γb. Because 
γb is not sensitive around the optimum, it 
may be calibrated where multiple similar 
networks have to be optimised. This avoids 
having to repeat the solution of each 
problem multiple times for each problem. 
However, the algorithm is computationally 
efficient enough that repetitions do not 
inhibit its usability, even when combined 
with a computationally expensive layout 
optimisation algorithm.

From these benchmark problems it 
becomes clear that the heuristic algorithm 
maintains near-optimal solution quality 
while having almost instantaneous 
computation time. This makes it ideally 
suited for combining with an ACO or similar 
algorithm responsible for layout creation that 
requires a significant amount of function 
evaluations (100 000+), each of which 
requires a hydraulic optimisation run.

coNcluSIoN
In this paper a heuristic optimisation algo-
rithm, which relies on the assumption that 
keeping slopes to a relative minimum while 
increasing diameters leads to economic deci-
sions, was proposed. The algorithm solves 
the problem incrementally, determining the 
hydraulic parameters of each element indi-
vidually. The algorithm was applied to two 

previously proposed benchmark problems 
and was shown to be able to produce near-
optimal results with very little computational 
effort. The results obtained by this algo-
rithm, due to its computational efficiency 
and solution quality, can be used to seed the 
set of eligible hydraulic parameters of other, 
more computationally expensive, optimisa-
tion methods, reducing the size of the search 
space. This method is ideally suited to be 
combined with a non-classical, computa-
tionally expensive, optimisation algorithm 
which aims to optimise the network layout, 
as will be shown in a follow-up article by 
the authors. The algorithm produces static 
results for a static layout. This allows layout 
creation techniques to be compared more 
directly, as the fitness of a given layout is not 
dependent on a non-classical optimisation 
algorithm’s varying performance.
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Figure 8  Sensitivity of γb for (a) benchmark problem 1 and (b) benchmark problem 2
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INtroductIoN
In the recent past, the South African govern-
ment has invested heavily in a number of 
power generation projects to augment existing 
ones. This huge economic investment is 
mainly driven by the increasing electricity 
demand from both the growing South African 
population and the projected economic 
growth, which will demand a steady and 
sustainable supply of electricity if the country 
is to meet its millennium development 
goals. Currently, South Africa relies mainly 
on coal-fired (> 90%) electricity generating 
plants as the source of its industrial and 
domestic electricity. Other electricity sources 
include gas-turbine, hydro, wind, nuclear 
and solar, among others (www.energy.gov.
za). Substantial progress has been made in 
recent years in the roll-out of major wind and 
solar power generating facilities, and there are 
plans to expand the nuclear power generation 
capacity in the future. A number of new coal 
and hydro-powered electricity generation 
plants are also currently under construction, 
with some partly completed. This paper 
focuses on the new Ingula Hydroelectric 
Pumped Storage Scheme (IPSS).

A critical aspect of new (and existing) 
concrete structures is their durability, which 
is fundamentally affected by the interaction 

between the concrete structure (quality) 
and its exposure environment (aggressivity). 
Ultimately, lack of durability results not only 
in a reduction in the service life of the con-
crete structure, but also in increased expendi-
ture of resources (both human and monetary) 
to restore the structure to the desired service-
ability (or functional) and structural health 
states. The risk of durability failure is quite 
high for major infrastructural developments, 
such as electrical power plants. Therefore 
engineers and asset owners should be cog-
nisant of this, and put measures in place to 
avoid its occurrence. These measures should 
be considered at the design and construction 
stages, and also during the service life of the 
structure through planned maintenance. In 
the case of the IPSS, this paper focuses on the 
durability (or resistance) of the concrete tun-
nel linings with respect to soft water attack to 
which it will be exposed when in service.

Soft waters occur naturally in springs 
emanating from igneous or acid rock forma-
tions in mountainous areas, or in lowland 
streams or rivers which have not passed 
through calcareous strata, and are aggres-
sive to concrete primarily because of their 
‘ion hungry’ nature. They are characterised 
by their low dissolved ion content. When 
Portland cement-based concrete is in contact 

Soft water attack on 
concrete tunnel linings in 
the Ingula pumped storage 
hydro-power scheme: 
Assessment of concrete 
resistance and protection
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The resistance of the concrete tunnel linings at the Ingula Pumped Storage Scheme (IPSS) 
to soft water attack was investigated. Concrete disc specimens obtained from cores taken 
from selected locations of the tunnel lining were exposed to a simulated soft water attack 
testing regime in a site laboratory using the actual (soft) water to which the tunnel linings 
will be exposed when in service. The assessment was carried out for around four months. The 
aggressivity of the soft water was quantified using Basson Indices. The results showed that 
the water is readily aggressive and will lead to corrosion of the concrete tunnel lining. The 
experimental work showed the average surface rate loss of the linings to be approximately 
1.1 mm/a, which, if sustained in the concrete linings, would amount to an average loss of about 
10 mm in a 10-year period. This will result in increased surface roughness and hence higher 
head losses due to increased friction coefficients. It was recommended that a protective epoxy 
coating be applied on the tunnel lining to limit the reduction in power generation efficiencies.
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with soft water, the Ca(OH)2 in the hardened 
cement paste is leached out as the water 
tries to establish an ion balance. The rate of 
Ca(OH)2 removal is determined by the differ-
ence in concentrations of calcium compounds 
between the concrete and water phases. The 
aggressiveness of soft water, measured as the 
rate at which Ca(OH)2 is leached from the 
cement paste, is considerably increased if the 
water contains dissolved carbonic acid due 
to the presence of aggressive CO2, i.e. the 
dissolved CO2 beyond that required for bicar-
bonate equilibrium. Other deleterious ions in 
water with respect to concrete deterioration 
include magnesium ions, ammonium ions and 
sulphate ions (Ballim et al 2009).

Specific to the IPSS, in addition to the 
deterioration of the concrete lining due to 
soft water attack affecting the service life 
of the structure, it would also have negative 
effects on the efficiency of electricity power 
generation by increasing the surface rough-
ness of the concrete tunnel lining, and hence 
causing higher friction losses. Ultimately, the 
results of the investigations would inform a 
decision on whether to provide a protective 
coating on the concrete tunnel lining or not.

A condensed version of this paper was 
originally published in the proceedings of 
the 2016 Hydropower and Dams Conference 
(Otieno et al 2016). This paper presents addi-
tional information by way of comprehensive 
results and analyses of the results.

bAcKGrouNd oN INGulA PuMPed 
StorAGe ScheMe (IPSS)1

General description
The IPSS is a hydropower station comprising 
a concrete-faced upper rockfill dam (Bedford 
Dam) and a roller-compacted concrete 
lower dam (Bramhoek Dam), separated in 
elevation by 480 m; an underground power 
house complex located 350 m underground 
in two excavated underground caverns 

housing 4 × 333 MW reversible Francis-type 
pump-turbine and motor-generator units 
that generate electricity at a rated head of 
441 m; and an underground labyrinth of 
inter-connecting tunnels/waterways that 
extend 16.5 km, and together with a number 
of shafts, allow water to be released from the 
upper reservoir and delivered to the turbines 
producing power, before being captured in 
the lower reservoir. During off-peak power 
periods, the turbine rotational directions are 
reversed, pumping water back to be ready for 
the next peak power event. Figure 1 shows a 
schematic layout of the IPSS. Construction of 
the IPSS was essentially complete by the end 
of 2016, with all four units synchronised to 
the national power grid and handed over for 
commercial operation.

Physical location
The IPSS is located about 23 km northeast 
of Van Reenen within the Little Drakensberg 
mountain range of South Africa (S28° 16́  54 ,̋ 
E29° 35́  08˝). The upper reservoir site is 
located in the Free State Province and the 
lower reservoir in KwaZulu-Natal Province. 
The escarpment forms the border between 
these provinces (see Figure 2).

Power generation capacity
The rated electricity generating capacity is 
1 332 MW and the energy storage capacity 
is 21 000 MWh (15.8 generating hours). In 
addition to the normal generating capacity, 
a minimum emergency full-load generat-
ing reserve of four hours is maintained in 
the upper reservoir throughout the normal 
weekly operating cycle.

concrete tunnel lining
The concrete-lined sections of the headrace 
tunnels are each approximately 1.0 km in 
length with 6.6 m internal diameters, while 
the tailrace tunnel is approximately 2.5 km 
long with a 9.4 m internal diameter.

The concrete mix used for the tunnel 
lining comprised CEM II/A-M (V-L) 42.5N 
(345 kg/m3), fly ash (60 kg/m3), 19 mm 
dolerite stone (880 kg/m3), 4.75 mm dol-
erite sand (155 kg/m3), 2.36 mm dolerite 
sand (905 kg/ m3) and water (180 kg/m3). 
Superplasticiser (0.9% by mass of total binder) 
was used. Slumps of 200 mm were typically 
measured on the concrete. The concrete was 
predominantly placed on the outside of full-
round collapsible steel shutters erected inside 
shotcrete/rockbolt supported tunnels. Plate 

Figure 1  Schematic layout of the Ingula Pumped Storage Scheme (adopted from www.eskom.co.za)
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Figure 2  Physical location of the Ingula Pumped Storage Scheme
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Table 2  Typical average measured values of selected properties of aggressive water over the indicated periods

Property

Value

June 2005 2014 23 December 2014 2014

Bedford-
Bramhoek 

mean

Composite – 
various 
sources

Devil’s 
Culvert 
Stream

Bedford  
Dam

Bramhoek 
Dam

Lab test 
bath mean

pH 6.45 6.60 7.49 8.20 7.90 7.40

CaCo3-saturated pH 8.5 – – 9.0 9.1 –

Conductivity (mS/m) 5.5 7.4 4.2 – – 7.7

Total dissolved solids (mg/ℓ) 71 22.7 23.2 104 54 52

Calcium hardness (as CaCO3)* (mg/ℓ) 14.6 17.2 2.8 30.0 14.0 3.0

Total alkalinity (as CaCO3) (mg/ℓ) – 22.2 16.7 – – 28.3

Dissolved CO2 (mg/ℓ) – 13.7 17.0 – – 18.5

Sulphates SO4
2– (mg/ℓ) 3.9 7.5 – 19.9 10.2 –

Magnesium Mg2+ (mg/ℓ) 1.3 1.2 – 1.2 2.2 –

Ammonia (mg/ℓ) 1.5 0.02 – < 0.8 < 0.8 –

Chlorides (estimated) (mg/ℓ) 3.3 1.5 – < 5.0 < 5.0 –

Leaching corrosion sub-index (LCSI) 1 926 821 748 965 1 263 760

Turbulence factor 3 370 1 437 1 309 1 688 2 210 1 329

Temp adjustment = 0.625# except for lab test bath which is 0.85## 2 107 898 818 1 055 1 381 1 130

Aggressivity Index (AI) 2 107 898 818 1 055 1 381 1 130

* Index values are not very sensitive to the calcium hardness value in the ranges given
# Assuming mean water temperature = 12.5°C
## Average measured water temperature (based on October 2014 values) = ~ 17°C (standard deviation = 1.6°C, 48 readings)

and poker vibrators were used to consolidate 
concrete and, importantly, a controlled 
permeability formwork liner was applied to 
the shutter below the tunnel spring line to 
alleviate concrete blowhole formation. From 
a construction programming point of view, 
it was important to achieve high early-age 
compressive strengths to allow collapsing of 
the shutter, in preparation for the next sec-
tion’s concrete placement as soon as possible. 
Concrete compressive strengths of around 
1.0 MPa were achieved eight hours after 
placement, and the consequential effect of 
this was that it was not uncommon to achieve 
28-day compressive strengths of ≥ 60 MPa.

ASSeSSMeNt of Soft 
wAter AttAcK of coNcrete 
tuNNel lINING
The experimental programme was carried 
out in two stages. In the first stage, the 

aggressiveness of the soft waters to which the 
concrete tunnel lining will be exposed when 
in service was assessed. In the second stage, 
the resistance of the concrete tunnel lining to 
deterioration by the soft waters was assessed.

Quantification of the 
aggressiveness of the (natural 
and laboratory) soft waters
Water samples were collected from selected 
sources on site and assessed for aggressivity 
with respect to soft water attack. The water 
used in the laboratory during the testing was 
collected from the natural water sources. It 
was therefore important to ascertain that the 
water used in the laboratory closely simulated 
the natural waters. The aggressivity of the 
waters was quantified using corrosion indices, 
popularly known as Basson Indices, proposed 
by Basson (Basson & Ballim 1994), typically 
the leaching corrosion sub-index (LCSI) 
which was corrected for ‘turbulence’ and 
‘temperature’ to give an overall Aggressivity 
Index (AI). The interpretation of the AI is 
given in Table 1. Typical values of selected 
salient properties of the aggressive waters over 
a number of years are presented in Table 2.

Based on the results in Table 2, it was 
clear that the concrete tunnel lining will be 
exposed to waters with high (800–1 000) to 
very high (≥ 1 100) aggressiveness. Closer 
examination of the results shows that the 

aggressiveness of the waters in the initial 
measurements in 2005–2006 indicates much 
more aggressive conditions than the 2014 
values. The reasons for this relate to the 
sampling sources of waters taken for analysis: 
in 2005–2006 these were the natural streams, 
while in 2014 they were the Devil’s Culvert 
Stream, and the Bedford and Bramhoek dams. 
Note that if the in-situ-measured temperature 
of 12.5°C for the natural waters was used to 
correct all the LCSI values, the 2014 results 
for composite (various sources), Devil’s 
Culvert, and lab test bath mean, all show sen-
sibly the same overall Aggressiveness Index 
of approximately 800–900. However, in this 
case, the Lab Test Bath mean was corrected 
using a higher mean laboratory-measured 
temperature of 17°C, hence the higher LCSI 
value of 1 130 (up from 831 if 12.5°C is used). 
This illustrates the influence temperature has 
on the aggressivity of the water, and hence 
on the rate of corrosion of the concrete, 
especially in warmer seasons. In general, 
the aggressivity of the test bath water (i.e. 
AI = 1 130) lies in the range of aggressivity of 
the natural waters (i.e. ~ 800 > AI > ~1 400). 
The general conclusion from Table 2 and the 
analyses of water aggressivity is that the test 
bath waters are appropriately aggressive and 
mimic the site waters adequately.

Based on the AI values presented in 
Table 2, it was concluded that the water used 

Table 1  Interpretation of water aggressiveness 
index values (Basson & Ballim 1994)

Aggressiveness 
Index (AI) Aggressiveness

< 300 None to mild

400 – 700 Mild to moderate

800 – 1 000 High

≥ 1 100 Very high
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in the laboratory – which was stirred by the 
circulation provided by a small water pump 
(see next section) as opposed to the flowing 
natural waters – mimicked the aggressiveness 
of the natural waters adequately. The (labora-
tory) water in the baths was replenished from 
time to time, i.e. approximately every 24 hours 
using water from Devil’s Culvert Stream (up 
to day 27) and Bramhoek Dam (up to end of 
testing), to ensure its aggressivity was main-
tained. Various water quality properties were 
measured frequently to quantify the aggres-
sivity of the water and hence give guidance as 
to when to replenish the water.

testing approach to assess concrete 
resistance to soft water attack
The results in Table 2 showed that these 
waters had different aggressiveness indices 
ranging from 818 (high) to 1 381 (very high) 
for Devil’s Culvert Stream and Bramhoek 
Dam respectively. It is not clear why the 
change in the source of aggressive water 
was made, but the implication of this will 
be assessed in the results presented later in 
the paper.

To assess the resistance of the concrete 
tunnel lining to deterioration by the aggres-
sive water, 68 ± 2 mm diameter cores were 
taken from the lining at various locations 
and exposed to the aggressive water in the 
site laboratory. The cores were drilled when 
the lining was already several months old, 
and hence the concrete was already well 
hydrated and mature. The specimens (50 
in total) were categorised into three groups 
based on the location of cores in the tunnel 
sections – (i) invert (20 specimens), (ii) side of 
tunnel (21 specimens) and (iii) tunnel crown 
(9 specimens). The objective of this was to 
determine whether location of concrete in the 
tunnel had any influence on the durability of 
the concrete, taking into account the different 
placement, compaction and finishing tech-
niques used in the locations.

Prior to exposing the cored concrete 
samples to the aggressive water in the labora-
tory, water sorptivity testing was carried out 
on them. During testing, the porosity and 
density of the samples were also determined. 
Density was determined using the displace-
ment method. The water sorptivity tests were 
carried out with slight modifications to the 
testing procedure given in the 2010 Durability 
Index Testing Manual (DI-Manual 2010). The 
modifications included the following:
a. Tap water was used instead of saturated 

Ca(OH)2 solution to ensure that the 
pH of the aggressive water was not 
significantly altered when the specimens 
were submerged in the aggressive water 
after the sorptivity testing. The pH of 
the aggressive water was an important 

parameter – the lower the pH, the higher 
the aggressivity.

b. The frequency of mass gain measure-
ments was increased (especially at 
the beginning of the testing) from the 
recommended 0, 3, 5, 7, 9, 12, 16, 20 and 
25 minutes to 0, 1, 2, 3, 5, 7, 9, 12, 16, 20, 
25, 60, 180 and 240 minutes to assess the 
quality of the thin surface layer on the 
specimens which would be exposed to the 
aggressive water immediately on exposure 
when in service. The increased frequency 
also enabled estimation of the thickness 
of the laitance layer in the specimens.

Two types of specimens were used in the 
tests – partially epoxy-coated and fully 
epoxy-coated specimens as described below:

 ■ Partially coated specimens: After 
sorptivity testing, the insulation tape 
used to seal the circumferential surfaces 
of the specimens was removed and the 
specimens oven-dried at 50 ± 5°C for 
24 hours before being partially coated 
with epoxy as shown in Figure 3(b). The 
coating was done on all surfaces except 
on one circular cross-section (originally 
exposed tunnel surface). The non-coated 
surface was exposed to the aggressive 
water. Before exposure to the aggressive 
water in the laboratory, the epoxy-coated 
specimens were pre-saturated in tap 
water for 24 hours. Additional partially 
coated specimens were later added to the 
sample without undergoing the water 
sorptivity index testing.

 ■ Fully coated specimens: These speci-
mens were also obtained from various 
locations of the tunnel, but were not 
subjected to water sorptivity and poros-
ity testing before being epoxy-coated. 
All the surfaces were epoxy-coated (see 
Figure 3(a)). Before coating, some of these 
specimens were oven-dried at 100 ± 5°C 
for 24 hours while some were air-dried 
for seven days before coating with epoxy. 
These deviations in specimen prepara-
tion between the two types of specimens 
(partially and fully coated) were later 
noted to have a detrimental effect on the 
mass gain measurements, and will be 
discussed later in this paper. The fully 
coated specimens were used to monitor 
any absorption of water by the epoxy, 
thereby allowing corrections to the mass 
measurements of the partially coated 
samples. If not corrected, this would lead 
to incorrect inferences of mass gain/loss 
in the partially coated specimens.

Both the partially and fully coated specimens 
(Figure 3(c)) were placed in small PVC 80-litre 
tanks (Figure 4(a)) such that approximately 
0.28 litres of the aggressive water were pro-
vided per disc specimen. The specimens were 
submerged in the aggressive water stacked in 
meshed plastic racks placed in the tanks. It 
was ensured that the exposed surfaces of the 
partially coated specimens were easily in con-
tact with the aggressive water. A small water 
pump (Figure 4(b)) was submerged in the 
aggressive water in the PVC tanks to ensure 

Figure 3  Fully (a) and partially (b) epoxy‑coated specimens, and photograph of specimens in an 
aggressive water tank (c)

Partially coated 
specimens

(c)

Fully coated 
specimens

All surfaces epoxy-coated

(a) Fully epoxy-coated specimen

(b) Partially epoxy-coated specimen

All surfaces epoxy-coated 
except this surface

Figure 4  Water tanks and water pump used in the testing

(a) PVC basins used to hold aggressive 
water in the laboratory

(b) Water pump used to stir and 
introduce air into the aggressive water
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that the aggressive water was continuously 
stirred and did not remain stagnant. In the 
process, the water pump also introduced air 
into the water, hence aiding in maintaining its 
pH. Figure 5 presents a summary of the test-
ing programme used.

Monitoring the aggressiveness of 
the water and mass loss/ gain 
in the specimens
The pH, conductivity and temperature 
of the aggressive water in the tanks were 
monitored daily to ensure that the water 

remained sufficiently aggressive. Initially, it 
was intended that the pH and conductivity 
of the aggressive water be controlled within 
± 0.1 and 10% respectively. However, this 
proved unfeasible, based on the initial results 
of this monitoring, and the aggressive water 
was thereafter replenished daily. The tanks 
in which the specimens were submerged 
were placed in a controlled temperature 
environment of between 16 and 18°C in 
the laboratory.

Saturated surface dry mass loss/gain 
measurements for both the partially and fully 
coated specimens were taken concurrently. 
The measurements were taken on a daily 
basis, but the frequency was adjusted from 
time to time to suit availability of laboratory 
personnel. Prior to taking mass measurements 
in the partially coated specimens, the exposed 
surfaces were hand-brushed with a soft 
nylon bristle brush to remove loose corrosion 
products. Each specimen was subjected to ten 
up-and-down strokes of brushing carried out 
under flowing tap water. During this process, 
care was taken not to unnecessarily dislodge 
small aggregate particles.

reSultS ANd dIScuSSIoN
A summary of the water sorptivity index, 
porosity and density results for specimens 
from the various tunnel locations is pre-
sented in Table 3. These results are discussed 
in the following sections.

water sorptivity index (wSI) 
vs porosity
The WSI values ranged between 2.1 and 
6.8 mm/√hr, which are low values, indicating 
that the concrete is of good quality, if a little 
variable, with respect to water absorption. 
Initially, the low WSI values were suspected 

Figure 5  Summary of testing programme

Modified water 
sorptivity test Concrete porosity Concrete density Soft water attack

Tests on specimens

Source of  natural soft water for use in laboratory testing
(Devil’s Culvert Stream and Bramhoek Dam)

Quantification of aggressiveness of soft water
(using Basson Indices)

Sourcing of concrete tunnel lining test specimens
(tunnel crown, tunnel invert and side of tunnel)

(Total: 50 test specimens)

Specimen preparation prior to testing
( fully and partially epoxy-coated)

Table 3 Summary of water sorptivity index, porosity and density of test specimens

Location Density (kg/m3) Porosity (%) WSI (mm/√hr)

Invert 2 504a (40)b 9.7 (2.9) 2.9 (0.8)

Side of tunnel 2 519 (7) 14.2 (2.1) 4.8 (1.4)

Top of tunnel 2 564 (38) 12.6 (1.4) 4.1 (1.0)

Range* 2 444 – 2 605 5.9 – 16.8 2.1 – 6.8

a: Average; b: Standard deviation; *: Considering all three locations
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to correspond to the occasionally high poros-
ity values (ranging between 5.9 and 16.8%) 
of the concretes. However, this was not the 
general case – see Figure 6 where the results 
showed only a slight correlation between 
porosity and WSI – with WSI increasing as 
porosity increases, for porosity and WSI val-
ues between, respectively, ~ 5 and ~ 15%, and 
~ 2 and ~ 4 mm/√hr. This trend was difficult 
to explain and required further assessment 
(e.g. microscopic inspection) of the concretes 
to be carried out. However, this was outside 
the scope of this investigation. Nevertheless, 
these results show that it is important to 
try and interpret, or at least report, WSI 
test results together with the corresponding 
porosity results.

density vs porosity
The concrete density ranges between 2 444 
and 2 605 kg/m3. Such high density values 
were somewhat unexpected considering the 
high porosity values (up to 16.8% for individu-
al specimens). However, no general trend was 
observed between concrete density and poros-
ity (see Figure 7). The high concrete density 
values are related to the dolerite aggregates 
used to make the concrete; dolerites from the 
KwaZulu-Natal region typically have relative 
densities of ~ 2.90.

variation of wSI and porosity with 
specimen location in the tunnel
A comparison of the average WSI and poros-
ity results for the various locations (invert, 
crown and side of tunnel) is presented in 
Figures 8(a) and (b), which also includes the 
combined average WSI and porosity values 
for the three locations. These results show 
that the specimens obtained from the invert 
are of a relatively better quality compared 

to those from the side and top of the tunnel. 
Concretes from the side and top of the tun-
nel show similar quality with respect to the 
WSI and porosity results.

It is important to note that even though 
WSI, porosity and density results show 
relatively good quality concrete, a direct 
correlation cannot be made between these 

Figure 8  Comparison of average WSI and porosity results for the various locations
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Figure 9  Average cumulative mass gain of fully coated specimens
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Figure 10  Typical average cumulative mass loss/gain of partially coated invert specimens
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results and the resistance of the concrete to 
deterioration by the aggressive water. This 
is better assessed using mass loss test results 
that are presented in the following section. 

However, it was important to measure these 
properties as quality benchmarks, and also 
so that any subsequent work can be related 
to the present work.

concrete deterioration (mass 
loss/gain) results
Figure 9 shows the average cumulative mass 
gain/loss in the fully coated specimens. The 
confidence bands in the figures presented in 
this section are based on a 95% confidence 
interval. Due to a lack of corresponding data 
between fully coated and partially coated 
specimens, the net mass loss/gain could be 
calculated neither for individual specimens 
nor for specimen location in the tunnel 
lining. Figure 10 shows a typical plot of the 
average cumulative mass gain/loss in the 
partially coated invert specimens; results for 
specimens from other tunnel locations (side 
and top of tunnel) followed similar trends. 
From Figure 10 it is clear that for some 
period, some of the partially coated and fully 
coated specimens absorbed the aggressive 
water during the testing, implying that the 
specimens were absorbing water into the 
epoxy coating, and/or through the epoxy 
coating into the substrate concrete.

For the partially coated specimens, there 
would also be mass loss from the surfaces 
exposed to the aggressive water, which were 
regularly brushed (under flowing tap water) 
to remove loose debris. The absorption of 
the aggressive water in the partially coated 
specimens was corrected using the mass gain 
recorded in the fully coated specimens. The 
mass gain in the fully coated specimens can 
be attributed to (a) absorption of water by the 
epoxy coating, or (b) absorption of water by the 
substrate concrete (in the presence of pores in 
the surface epoxy coating), or both (a) and (b).

The net mass gain/loss was estimated 
taking into account the difference in surface 
areas of epoxy coating in the partially and 
fully coated specimens – 10 040 cm2 and 
13 672 cm2 respectively for a 68 × 30 mm 
disc specimen. Effectively, the mass gain data 
from the fully coated specimens was used 
to determine the mass gain per unit surface 
area (g/cm2) of epoxy coating, which was 
then used to obtain the actual mass gain by 
the epoxy in the partially coated specimens. 
Figures 11 to 13 show the average net cumu-
lative mass loss/gain in the specimens from 
the various tunnel locations. The results 
showed that there is no significant difference 
in mass loss in the (partially coated) invert, 
side of tunnel and top of tunnel specimens 
(Figure 14). Therefore, the results for all the 
partially coated specimens were averaged 
and presented as shown in Figure 15.

The confidence bands in the figures 
presented here clearly indicate that using 
average values results in an inherent high 
variability. However, from a practical point 
of view, this may be expected on site, and 
using average values to draw conclusions can 
therefore be justified.

Figure 11  Average net cumulative mass loss/gain of partially coated invert specimens
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Figure 12  Average net cumulative mass loss/gain of partially coated side of tunnel specimens
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Figure 13  Average net cumulative mass loss/gain of partially coated top of tunnel specimens
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There was no notable difference in mass 
loss as a result of change in source of the 
aggressive water used in the testing, i.e. 
from Devil’s Culvert Stream, and thereafter 
from Bramhoek Dam. However, between 
days 29 and 35 kinks were observed in 
the trends, possibly signifying a change in 
aggressivity of the water; the water from 
Devil’s Culvert Stream was less aggres-
sive than that from Bramhoek Dam (see 
Table 2).

visual assessment of the 
corroded specimens
Visible deterioration was observed on the 
exposed surfaces of the partially coated 
specimens at the end of the testing period – 
an indication of corrosion of the concrete by 
the aggressive (soft) water. Photographs of 
some of the partially coated specimens after 
exposure to the aggressive water for different 
durations are shown in Figures 16(a), (b) and 
(c). In general, there was visible corrosion 

of the concrete to the extent of starting 
to expose the coarse aggregate, and some 
specimens showed pronounced surface voids 
or pores which were not visible at the begin-
ning of the aggressivity testing. This surface 
porosity is likely the result of preferential dis-
solution of the cement paste phase, creating 
‘craters’ in the surface and leaving behind the 
insoluble aggregates, both fine and coarse, 
still embedded in the hardened cement paste.

effect of coNcrete 
deterIorAtIoN oN the ServIce 
lIfe of coNcrete tuNNel lININGS 
ANd SySteM PerforMANce

effect of concrete deterioration on 
service life of concrete tunnel linings
Figure 17(a) presents the trend for the average 
rate of mass loss in all the specimens during 
the experimental period. The average rates 
of mass loss (between days 20 and 130) for 
specimens from specific locations are pre-
sented in Figure 17(b), which also underscore 
the high variability in the results presented 
earlier. The results show that there were no 
significant differences between the mass 
loss rates in the specimens from the three 
tunnel locations, i.e. invert, side of tunnel 
and top of tunnel. The rate of mass loss was 
calculated assuming an exposed surface of a 
68 mm diameter specimen (3 632 mm2) and 
concrete density of 2 500 kg/m3. The results 
showed that the rate of mass loss decreased 
with time, but was levelling off. This may be 
attributed to the presence of a poorer qual-
ity, paste-rich (laitance) layer (Neville 2011) 
initially on the concrete surface relative to the 
underlying concrete. This phenomenon may 
explain the substantially higher rate of mass 
loss measured in the specimens after just 
one day of exposure in the aggressive water 
(see Figure 17(a)). This is also evident from 
Figure 18 where the 0–5 minutes WSI values 
are much higher than the 7–240 minutes 
values; this confirms the somewhat poorer 
quality of the near-surface concrete (from 
the 0–5 min WSI values, the thickness of the 
laitance layer was estimated to range between 
0.7 and 4.2 mm, with an average of 1.6 mm 
(standard deviation = 0.8 mm)).

A comparison of the average rate of mass 
loss between days 20 and 130 for specimens 
from the different locations is shown in 
Figure 17(b) where it is clear that, statistically 
(at a 95% confidence interval), there is no 
significant difference in the rate of deteriora-
tion (corrosion) of the concrete in the three 
locations, i.e. invert, side of tunnel and top 
of tunnel. In assigning the calculated mass 
loss rate to the real structure, it was borne in 
mind that this mass loss rate is only realistic 

Figure 14  Comparison of average net cumulative percentage change in mass of partially coated 
specimens from the different locations
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Figure 15  Average net cumulative mass loss of all partially coated specimens
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if (i) the concrete surface in the structure is 
exposed continuously to a similar level of 
aggressivity of water as was the case in the 
experiments carried out, and (ii) the cor-
rosion products are continuously removed 
by the high water velocity in a way that was 
assumed to be similar to the effect of the soft 
brushing of the lab specimens. Consequently, 
in the real structure, the mass loss rate 
will depend on the frequency at which the 
aggressive water is in contact with the con-
crete lining, and to some extent, the washing 
away of the loose deteriorated material and/
or reaction products as the water moves up 
and down the tunnel at high velocities.

The results showed that the rate of loss 
of surface of the specimens is of the order of 
1.1 mm/yr. This rate levels off after approxi-
mately four months of testing. Even though 
it was difficult to predict the plateau value, 
it appeared to approach about 10 mm of sur-
face loss for every 10 years of service. Also, as 
already mentioned, whether this rate applies 
to the actual rate of in-situ deterioration of 
the tunnel linings depends on operational 
and environmental factors. The rate might 
also be affected subsequently by exposure of 
more of the coarse aggregate particles.

Furthermore, taking the variability of the 
results into account, a loss of approximately 
10 mm of surface could take place over a 
period varying from less than one year to 
22 years, i.e. there is significant variability in 
the results, and it can be expected that dif-
ferent areas of the tunnel lining, even within 
fairly limited areas, might show significantly 
different rates of deterioration. This can be 
related to the variable nature of the concrete 
lining quality, particularly the quality of the 
near-surface concrete. With time, and as 
increasing surface loss occurs, giving rise to 
coarse aggregate particles becoming more 
visible, this variability will be less evident. 
Nevertheless, the average value of surface 

loss is still very significant, since it is the 
average loss of surface that will affect the 
operational characteristics of the tunnel.

Taking these factors into consideration, it 
was apparent that the service life estimation 
justified the provision of a protective coating 
to protect the concrete tunnel lining from 
deterioration by the aggressive (soft) water.

Potential effect of concrete 
deterioration on the efficiency 
of power generation
Based on the results and assessments, it was 
clear that degradation of the concrete lining 
by soft water attack will take place if the 
concrete is not protected. Concrete degrada-
tion will result in higher friction coefficients 
and greater friction losses through the system, 
as tunnel flow at the IPSS will be either in 
the turbulent or the transitional flow zones. 

Friction losses will result in a smaller net head 
available to generate electricity, and hence 
lower power generating efficiencies. This was 
therefore a salient factor to consider in decid-
ing on the need for a protective concrete coat-
ing. Sliming and sediment deposition are also 
expected to influence roughness coefficients, 
but because flow velocities will be as high as 
5.0 m/s in generation mode and 3.5 m/s in 
pump mode, these were considered relatively 
insignificant for the purposes of assessing 
the effect of concrete deterioration on the 
efficiency of power generation.

overall unit efficiency due to 
concrete deterioration
Overall unit power generating efficiencies are 
influenced by the tunnel lining friction losses, 
as already discussed, as well as the turbine, 
generator and transformer efficiencies. 

Figure 18  Variation of early (0–5 min) and subsequent (7–240 min) WSI values in the concretes tested
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Figure 17  (a) Variation of rate of mass loss with time – all specimens combined, (b) average mass loss rates for specimens from the different locations

R
at

e 
of

 m
as

s l
os

s (
m

m
/y

ea
r)

30

25

20

15

10

5

0

Time after exposure in aggressive water (days)
140120100806040200

(Average for all specimens)

28.8

1.0

A
ve

ra
ge

 ra
te

 o
f m

as
s l

os
s (

da
y 

20
 to

 1
30

) (
m

m
/y

r)

2.5

2.0

3.0

1.5

1.0

0.5

0
Invert Side of tunnel Top of tunnel All (combined)

(a) (b)

1.2

1.0

1.4

1.1

Error bars: 95% confidence internal



Journal of the South African Institution of Civil Engineering • Volume 59 Number 3 September 201766

Roughness factors (ε) were estimated based on 
data from a number of almost similar existing 
deteriorated/ aged concrete tunnels (Basson 
et al 2003); Roughness factors (ε) of 0.060 and 
0.750 were adopted for, respectively, smooth 
(new) and rough (deteriorated) concrete 
tunnel lining. Tunnel friction coefficients 
( f ) for smooth and rough concrete surfaces 
in the headrace and tailrace tunnel sections 
were estimated using the Zigrang-Sylvester 
Equation (see Figure 19). These tunnel friction 
coefficients were used to calculate the avail-
able net head at the turbines, for different flow 
rates through the turbines for deteriorated 
(rough) and new (smooth) tunnel linings.

The tunnel efficiencies were then 
expressed as a quotient of the static (hstatic) 
and net (hnet) heads to determine tunnel effi-
ciencies, i.e. ηtunnel = hnet/hstatic. By taking 
these efficiencies and estimated/typical tur-
bine, generator and transformer efficiencies 
into account, an overall power-generating 
efficiency was determined for new as well 
as deteriorated tunnels. The results of these 
calculations (i.e. tunnel efficiencies, ηtunnel) 
are presented in Figure 20 for different flow 
rates through the turbines. Save for the cal-
culations being presented in this paper, the 
drop in tunnel efficiency due to deterioration 
of the concrete lining by soft water attack 
is expected to result in a drop in the overall 
power-generating efficiency by 0.93% if a 
concrete protective coating is not applied on 
the tunnel lining to curb deterioration.

coNcluSIoNS
The investigations carried out in this study 
were aimed at assessing the resistance of the 
concrete tunnel linings at the Ingula Pumped 
Storage Scheme (IPSS) to deterioration by 
soft water attack, and hence to inform a deci-
sion on whether a concrete protective surface 
coating was needed or not. The investiga-
tions showed that:

 ■ When in service, the concrete tunnel 
lining will be exposed to aggressive soft 
waters with aggressiveness indices (Basson 
Indices) ranging from ~ 800 (high) to 
~ 1 400 (very high), and hence posing a 
high risk of corrosion of the concrete.

 ■ Even though the concrete used to make 
the tunnel lining is of good quality (low 
sorptivity, i.e. 2.1 – 6.8 mm/√hr), it shows 
high variability and is still prone to 
deterioration by the soft waters. This was 
evident from the mass loss (and visual 
assessment) results.

 ■ The high variability in the deterioration 
of the concrete tunnel lining by the soft 
waters must be taken into account in 
service life predictions. However, the con-
cretes obtained from the different tunnel 

locations (invert, side and top of tunnel) 
showed similar trends of deterioration.

 ■ Service life predictions based on the 
deterioration results, taking into account 
the high variability, show that a loss of 
approximately 10 mm depth of concrete 
could take place over a period varying 
from less than 1 year to 22 years.

 ■ The deterioration of the concrete tunnel 
lining by soft water attack will lead to 
an increase in its surface roughness and 
an overall decrease in power-generating 
efficiency by 0.93%.

It was therefore recommended that a con-
crete protective coating (epoxy paint) be 
applied on the tunnel lining to curb its dete-
rioration and the potential effect this could 
have on the power-generation efficiency of 
the system. Ideally, a life cycle cost analysis 
of the consequence of this, taking other 
factors (e.g. maintenance) into considera-
tion, is required, but it can be expected that 

the initial cost of application of the epoxy 
coating will easily be set off against the loss 
in revenue that could result from reduced 
power-generation efficiencies caused by con-
crete degradation and higher friction losses.
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Figure 19  Effect of deterioration of concrete lining on tunnel friction coefficient
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puter graphics. Hand-drafted figures will not be 
 accepted. Lettering on figures should be equiva-
lent to a Times New Roman 9 pt font or slightly 
larger (up to 12 pt) if desired. Lettering smaller 
than 9 pt is not acceptable.

 ■ Tables should be typed in Times New Roman 9 pt 
font. They should not duplicate information already 
given in the text, nor contain material that would 
be better presented graphically. Tabular matter 
should be as simple as possible, with brief column 
headings and a minimum number of columns.

 ■ Mathematical expressions and presentation 
of symbols: 

 ■ Equations should be presented in a clear form 
which can easily be read by non-mathematicians. 
Each equation should appear on a separate line 
and should be numbered consecutively.

 ■ Symbols should preferably reflect those used in 
Microsoft Word Equation Editor or Mathtype, 

or should be typed using the Times New Roman 
symbol set.

 ■ Variables in equations (x, y, z, etc, as well as lower 
case Greek letters) should be presented in italics. 
Numbers (digits), upper case Greek letters, sym-
bols of metric measurement units (m for metres, 
s for seconds, etc) and mathematical/trigono-
metrical functions (such as sin, cos and tan) are 
not written in italics, but in upright type (Roman). 
Variables and symbols used in the body of the text 
should match the format used in the equations, 
i.e. upright or italics, whichever is applicable.

 ■ Metric measurement abbreviations/units should 
conform to international usage – the SI system of 
units should be used.

 ■ Decimal commas may be used, but decimal points 
are preferred.

 ■ Symbols should preferably be defined in the text, 
but if this is not feasible, a list of notations may be 
provided for inclusion at the end of the paper.

 ■ Headings: Sections and paragraphs should not be 
numbered. The following hierarchy of headings 
should be followed:
 HEADING OF MAIN SECTION
 Heading of subsection
 Heading of sub-subsection

 ■ References: References should follow the Harvard 
system. The format of text citations should be as 
follows: “Jones (1999) discovered that …” or “recent 
results (Brown & Carter 1985; Green et al 1999) 
indicated that …”
  References cited in the text should be listed in 
alphabetical order at the end of the paper. References 
by the same author should be in chronological order. 
The following are examples of a journal article, a 
book and a conference paper:
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 Papers published previously in the Journal of the 
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be cited if applicable.

 ■ Footnotes, trade names, acronyms, abbreviations: 
These should be avoided. If acronyms are used, they 
should be defined when they first appear in the text. 
Do not use full stops after abbreviations or acronyms.

 ■ Return of amended papers: Papers requiring 
amendments will be accepted up to six months after 
the referee reports had been sent to authors, after 
which the paper will be withdrawn from the system.
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